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I. SUMMARY

A, PURPOSE

The purpose of this study has been to define the mechanisms of oxygen
and hydrogen propellant evaporation into a helium pressurant gas and to develop
techniques for computing propellant evaporation suitable for flight vehicle design
analysis.

B. SCOPE

Propellant transfer to the ullage occurs by convective and diffusional
mass transfer mechanisms. These processes were modeled analytically and the
important independent variables of geometry, diffuser design, wall convective
flow, ullage mixing, etc., were considered. A solution of the molecular diffusion
equations was obtained to permit calculation of diffusion rates and concentration
gradients. The boundary condition of liquid surface temperature was studied in
some detail and correlating relations developed for both general and specific cases,

C. CONCLUSIONS

1. A molecular diffusion model appears to be a useful analytical tool for
computing diffusion in a non-convective ullage situation. The exact importance
of convection effects which may result from ullage gas natural circulation and
pressurant gas inlet flow cannot be defined on an analytical basis. However, it
appears that in many instances, these effects may be small, and the molecular
diffusion solution valid.

2. Analytical studies of the ullage natural convection flow patterns indicated
that even when conditions were chosen so as to maximize this natural convection
flow, the resulting diffusion rates were in the same range as that predicted as
molecular diffusion, for times of about 30 seconds. We conclude that, except for
long times, the more important mechanism for surface mass transfer is pure
diffusion.

3. Convective mixing by the pressurant inlet gas flow is likely to be very
strong during initial pressurization and will probably result in complete mixing
of the initial propellant vapor and the helium pressurant. However, during expul-
sion, when the liquid is remote from pressurant gas inlet, a reasonable diffuser
configuration will minimize mixing at the liquid interface,
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4. Liquid surface temperatures and gradients near the surface are very
important to the evaporation process. In adiabatic systems, surface temperature
is controlled by liquid gas interactions, and, in the non-convective case, may be
estimated by a conduction-diffusion solution which predicts a surface temperature
that is invariant with time., Ambient heat leak results in a time dependent surface
temperature which may be estimated with a transient conduction solution.

5. Under high heat leak conditions, free boiling at the liquid surface is a
possibility, We have presented a method for computing free boiling evaporation--
and have found it to be relatively small for the conditions considered in this report.

6. Propellant evaporation may also occur from the liquid film left on the
tank walls during drawing. However, our studies indicate that except for very
small tanks and high draining rates, the evaporation contributed by this film is
negligible.

7. For the conditions considered in the report, the quantity of propellant
evaporation appears extremely small as a fraction of total propellant but may be
significant in terms of ullage gas mass. Because of its lower volumetric heat
capacity and the steepness of its vapor pressure curve, the percentage of propel-
lant evaporated is generally much larger for hydrogen than for oxygen. However,
because of the higher density of the oxygen vapor, mass of evaporated propellant
vapor may be comparable for the two fluids.

D. RECOMMENDATIONS

We feel that the usefulness of the analytical procedures for computing
propellant evaporation presented in this report could be greatly improved by ex-
perimental studies to verify or modify certain assumptions in the analysis.
Detailed recommendations are included in Section X of this report.
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II. INTRODUCTION

The diffusion of oxygen and hydrogen propellant vapors into a helium
pressurant gas is an important design consideration in many space vehicle appli-
cations., The mixing of the propellant vapor with the helium pressurant will have
a strong bearing on both the helium pressurant gas requirements and the gas
residual weight at burn out. Accordingly, knowledge of propellant evaporation
is of concern both for the evaluation for various types of pressurization systems
and in the optimization and control of a particular pressurization system. The
propellant-pressurant interface reactions associated with evaporation may also
influence the shape of the liquid temperature stratification. Fairly precise
knowledge of the liquid temperature gradients is frequently necessary to establish
the trade-offs in tank pressure and liquid residuals established by turbo pump
NPSH requirements., Very frequently the design of cryogenics propellant systems
is handicapped by the lack of analytical techniques for estimating the extent of
propellant evaporation and its effects on system performance,

The program described in this report has been an attempt to define the
propellant evaporation process as well as possible from an analytical basis., This
work has included consideration of the true molecular diffusion process--~including
limits imposed by surface kinetics-~-as well as other elements of interfacial mass
transfer such as surface convection induced by ullage gas natural circulation flow
and pressurant gas diffuser impingement. In addition, considerable study has
been devoted to methods of computing liquid surface temperatures and gradients
in the vicinity of the surface since this information is vital to computing the diffu-
sional and/or free boiling evaporation at the surface.
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1II. DISCUSSION OF MECHANISM OF PROPELLANT VAPOR DIFFUSION

In flight vehicle propellant tanks, mass transfer of hydrogen or oxygen
vapors into the helium pressurant gas is dependent upon the combined effects of
molecular diffusion and convective mass transfer at the vapor liquid interface.
The mass transfer resulting from these surface interactions is, in turn influenced
by the liquid surface temperature, which in most cases, will differ substantially
from the bulk liquid temperature due to stratification. In certain cases of high
ambient heat leak, the surface temperature may rise high enough to cause free
boiling which will result in a layer of pure vapor immediately above the liquid in
addition to the vapor migrating into the helium pressurant gas by diffusional or
surface convective effects, In applying the term diffusion to the over-all propel-
lant evaporation process, we must recognize that it is, in effect, a defined term
including effects due to ullage convection and liquid temperature gradients as
well as molecular diffusion.

For the case of molecular diffusion, with a known liquid surface tem-
perature, the diffusion of propellant vapor into the helium pressure obeys fairly
straightforward theory for which the appropriate equations can be developed and
for which the diffusion coefficients may be estimated with reasonable accuracy.
However, molecular diffusion theory is not in itself a complete solution to the
problem since ullage convective effects may augment the evaporation due to molec-
ular diffusion. Of even more importance, is the fact that knowledge of liquid tem-
perature gradients is necessary in order to establish the boundary conditions for
the molecular diffusion solution,

Convective mass and heat transfer at the vapor-liquid interface, might
be expected to have some influence on the mass transfer of oxygen and hydrogen
into the helium pressure gas. In a gross sense, the ullage is convectively stable,
since the warm pressurant gas is introduced above the cold liquid. However, we
would expect that the cold walls will tend to set up convective gradients within the
ullage, particularly during liquid expulsion. Likewise, any disturbances induced
by the flow from the inlet gas diffuser will tend to augment convection. These
convection currents will induce flow along the liquid surface which may cause high
heat and mass transfer coefficients at the liquid surface,

The liquid surface temperature is very important in governing the rate
of mass transfer into the helium pressurant. In most cases, stratification in the
liquid will result in the liquid surface being appreciably higher than the bulk liquid
temperature, This temperature stratification results both from the preferential
distribution of external heat input to the liquid at the liquid surface due to the rising
boundary layer flow along the tank wall, and also from the vapor heat transfer atthe
liquid-gas interface. Stratification may be an important consideration since a 1°F
rise in surface temperature is equivalent to a 1psi rise in saturation pressure for
oxygen, or about 3 psi for hydrogen. Also, if the heat input to the tank and the
stratification is severe enough, the possibility of free boiling exists which would
cause much more evaporation than might be predicted from surface mass transfer
rates,
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IV, SURVEY OF CURRENT LITERATURE
ON PROPELLANT EVAPORATION

We have found little direct information in the literature which permits
direct evaluation of propellant evaporation. However, considerable semi-
quantitative information exists which gives us some clues as to the mechanism
and magnitude of propellant evaporation. In addition, fairly considerable amount
of information is available on the general subject of tank pressurization and on
liquid temperature gradients.

A, INTERFACIAL MASS TRANSFER FOR HELIUM PRESSURIZATION OF
HYDROGEN, OXYGEN, AND NITROGEN

1. Investigations and Ranges of Conditions Studied

We are aware of the work of three investigators of tank pressurization
studies whose results include data on interfacial mass transfer with helium pres-
surization. In brief, their studies were:

. @, 9* -

NASA-Lewis Research Center: — — Performed tests on liquid hydrogen
transfer using both gaseous hydrogen and gaseous helium pressurant. The tests
were run in a 220-gallon insulated tank. The parameters studied were pressure
and expulsion time.

. (4, 5) . .

NASA -Marshall Space Flight Center: "— — Two different test series
were performed. The first were liquid nitrogen pressurization tests in an insu-
lated 16-gallon tank. The second series was performed in large Jupiter-size
tanks (uninsulated). Liquid oxygen was transferred with gaseous oxygen pressur-
ant, and gaseous nitrogen or helium as the prepressurant.

, (1,2,7 .

The Lockheed-Georgia Company: —" — — In a 500-gallon insulated tank,
Lockheed has studied the transfer of liquid hydrogen using both hydrogen and helium
as pressurant, They studied the parameters of expulsion time, slosh, and inlet
temperature. Another test series was run in a 12-gallon insulated tank, Both
liquid hydrogen and oxygen were transferred using helium or their own vapor as
pressurant,

*Underlined numbers in parenthesis refer to References at end of main body of
report.
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2, Discussion of Problems Involved in Measuring Interfacial Mass
Transfer

All of the above investigators attempted to measure the mass transfer
occurring at the liquid-vapor interface. As this phenomenon is quite difficult to
measure directly, indirect means were used--generally a mass balance technique
in which mass transfer was taken as the difference between the change in ullage
gas mass and the net pressurant gas addition to the tank. An inherent difficulty
in determining mass transfer data with a mass balance calculation is that the
mass transfer term is computed by the subtraction of quantities which are fre-
quently much larger than the mass transfer term itself. Hence, small percentage
errors in the entering mass and final ullage mass may result in large percentage
errors in the interfacial mass transfer. This problem is especially acute when
the ullage gas is a two-component system. In addition, the mass balance method
merely results in a net mass tranfer term and does not differentiate between gas-
liquid interfacial mass transfer and other sources of mass transfer such as
evaporation of the liquid film on the tank walls.

3. Test Results

a. Helium Pressurized Transfer of Liquid Hydrogen

In large tank tests both NASA-Lewis(@ and the Lockheed-Georgia
Company(z) agree that a negligible amount of interfacial mass transfer takes
place. There is evidence, however, that a small quantity of evaporation was tak-
ing place during these tests. NASA-Lewis@)reports that there was a lowering of
the liquid hydrogen surface temperature below that which would be anticipated due
to thermal stratification. In fact, in some cases, the surface temperature was
lower than the bulk temperature., This is an indication that the surface was being
cooled by evaporation into the almost 100% helium-filled ullage space.

In their small tank tests data, Lockheed(l) did not show measurements
of the interfacial mass transfer. However, they do state that helium in the ullage
space had the effect of inhibiting condensation when the tank was prepressurized
with helium, and hydrogen was used as the transfer pressurant,
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b. Helium Pressurized Transfer of Liquid Oxygen and
Liquid Nitrogen

The Lockheed-Georgia Company is the only investigator which reports
the helium-pressurized transfer of liquid oxygen.(l) They do not show any inter-
facial mass transfer results, but they do note that a parameter which they call a
collapse factor increases substantially over that obtained during oxygen-pressurized
transfer. (Collapse factor is defined as the actual pressurant requirement divided
by the idealized requirement if the pressurant gas were not allowed to cool or con-
dense.) The high collapse factor for helium is evidence that the cooldown of helium
gas results in a greater loss in specific volume than does the combined cooldown
and condensation process for oxygen gas and that the hydrogen evaporation quantity
is apparently not a large factor in this case.

In other tests, Lockheed-Georgia shows that when helium is used as a
prepressurant during gaseous nitrogen transfer of liquid nitrogen, the measured
condensation rate is decreased by a factor of 75%.(9 An explanation of this is that
the helium is acting as a noncondensable gas creating a stagnant film through which
the nitrogen must diffuse,

When liquid nitrogen is transferred solely with helium pressurant gas,
NASA-Marshall reports that there is evaporation of nitrogen.(_‘p Our calculations
(presented in Section VI) indicate that the experimental results are compatible
with molecular diffusion.

B. LIQUID TEMPERATURE GRADIENTS

A good deal of experimental data on liquid temperature gradients is
self-pressurization tests, and tests in which the tank is externally pressurized
at some predetermined level with helium. One common experimental problem
has been the direct measurement of surface temperatures. Direct measurement
of the liquid surface temperature is difficult because the temperature gradient
is generally quite steep in the vicinity of the surface and it is generally impossible
to know the precise location of the liquid surface. In self-pressurization tests,
this problem can be circumvented rather neatly by measuring the ullage pressure
and taking the liquid surface temperature to the saturation at ullage pressure.
Because of this problem, it has been frequently difficult to determine what, if
any, influence addition of a helium pressurant gas has on the liquid surface
temperature history.
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Techniques for calculating liquid temperature gradients have been pro-
posed by Martin, (14) Arthur D. Little, Inc., (15) and Lockheed-Georgia.Q_Q)
The Martin technique assumes all tank heat input is absorbed by a thermal layer
at the liquid surface which results from boundary layer flow along the walls of
the tank. This model has the advantage of simplicity of calculation and involves
no experimental inputs. In some instances, at least, the agreement between cal-
culated experimental surface temperatures is quite good even though gradients
predicted by the model do not agree very well with the experimental gradients,
The Arthur D. Little, Inc., model is based on conduction theory. The gradients
generated by this model are in accordance with a constant heat flux entering the
liquid at the liquid vapor surface. The surface heat flux, which is less than the
total heat flux entering the tank, is determined by an empirical correlation of
test data. This model also has been reasonably successful in predicting liquid
surface temperatures--although, in general, for lower tank heat inputs than those
to which the Martin model has been applied. The Lockheed-Georgia analysis is
much more sophisticated than either the Martin or Arthur D. Little, Inc., model
and includes both conductive and convective effects, However, this model is
rather difficult to apply and it contains certain empirical constants which must be
evaluated by comparison with test data.

C. PRESSURIZATION ANALYTICAL METHODS DEALING WITH
INTERFACIAL MASS TRANSFER

Many investigators have analyzed the interfacial mass transfer of a
liquid cryogen under its own vapor. These analytical methods have utilized a wide
variety of calculation techniques and/or assumptions with respect to the mass
transfer processes occurring at the walls and liquid interface. Some investigators
have assumed no heat or mass transfer at the liquid-vapor interface. Others have
used a heat transfer coefficient at the interface. One investigator included his
mass transfer term from experimental data, and still another is attempting to use
the method due to Knuth, that of using a convective analysis which makes use of
equivalent thermal conductivities and the Fourier conduction equation, A rather
complete review of the work in this area is contained in Reference 16.

It is of interest to examine a comparison of the use of different calcu-
lational methods in attempting to predict the pressurant requirements in the
pressurized transfer of liquid hydrogen. Methods due to Arthur D, Little,

Inc., (18, 19) the Lockheed-Georgia Company,(_l_) and NASA-Lewis(®) all have
been able to predict pressurant requirements for both helium and hydrogen pres-
surized transfer of liquid hydrogen. This is an indication, albeit not strong, that
the two processes are similar, and supports the conclusion that the interfacial
mass transfer in both cases is essentially the same and probably very small.
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One interesting approach has been the application of energy convection
equations to the vapor and liquid near the interface to estimate the interfacial mass
transfer. 17) This analysis results in a limiting vapor temperature separating
evaporation and condensation when oxygen is pressurized with its own vapor.
Pressurant gas temperatures above this limiting value will result in evaporation,
lower temperatures, condensation. Typical values of limiting temperatures are
1250°R for GO9/LO9 and 96°R for GHy/LH,.

D. RESULTS

From this literature survey, the following can be stated:

1. Since the interfacial mass transfer is difficult to measure directly,
indirect means of obtaining data have been used. By their very nature, these means
lump all the experimental and calculational errors in the interfacial mass transfer
term, Thus, there is virtually no accurate quantitative data on the interfacial mass
transfer from a liquid cryogen into a helium pressurized ullage space.

2. There is a considerable amount of semi-quantitative evidence that
when liquid hydrogen is pressurized with helium the interfacial mass transfer is
very small and presumably in the range of molecular diffusion. This is only one
mass transfer test result on the helium pressurized transfer of liquid nitrogen with
helium. This result shows that there was evaporation of nitrogen into the helium-
filled ullage space, roughly in accordance with molecular diffusion. In addition,
the effectiveness of a helium prepressurant in reducing condensation indicates a
stagnant diffusion layer adjacent to the liquid surface. Therefore, these results
tend to indicate that propellant evaporation may be limited by molecular diffusion.

3. A considerable amount of data on liquid temperature gradients is
available. However, several rather conflicting, analytical models have been
proposed and the physical mechanism of liquid stratification has not been well
defined.
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V. THERMODYNAMIC OR LIMITING CASE ANALYSIS

A. GENERAL APPROACH

The analysis described in this section circumvents treatment of the
kinetics of heat and mass exchange by assuming that a fraction of liquid, initially
in a storage volume, mixes with a fraction of the gas, in the volume at the com-
pletion of transfer, so that thermal and phase equilibrium are established between
the two. With this approach, we seek to examine conditions that might occur in
transfer operations, as limited by energy and mass balances. A simplified ver-
sion of the approach has previously been described., (20)

With the model used, gradients of composition and temperature in the
ullage and the liquid are represented by step changes. In an actual transfer proc-
ess, the kinetics of heat and mass exchange, that are not dealt with here, would
determine distributions of composition and temperature in gas and liquid and,
in effect, the interacting fractions in our model.

The analysis leads to determination of the amount of fuel vaporized
during transfer, the amount of pressurant gas required to fill the ullage space,
and the gas composition in the mixed portion of the ullage as functions of transfer
pressure, pressurant gas temperature, and the fractions of interacting liquid and
gas,

B. ANALYSIS

Consider the conditions before and after transfer in the arrangement
of Figure 1. We will assume that: 1) The initial ullage volume is negligible and
all of the liquid is transferred. 2) Displacement gas comes from an infinitely large
reservoir at constant temperature and pressure. 3) The liquid in "b" is pressurized
to the transfer pressure and the transfer takes place with the pressure remaining
constant in both "b" and "c." 4) A volume fraction, X, of the liquid initially in
tank "b" mixes with a volume fraction, Y, of the gas finally in tank "b" so that
thermal equilibrium between the mixed ullage gas and the mixed liquid, and
phase equilibrium between the fuel vapor in the mixed portion of the ullage and
the mixed liquid, are achieved.

10
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For the system comprising Mpm and Xbel

requires that

M U T Mpgg Uppg * FXMp ) U o - XM U

-1 [P(I-X) V+PF XM

J fbl vfcz a

Conservation of mass yields

Xbel = beZ + FXbel

The Gibbs-Dalton Law applied to the gas in the volume YV is

P
_ p
Mpm T YV
p Yy
We further note that
Mgg = Py V
Mpo = Pgyp = YV
and assume that
Vie2 T Vbl

11

, conservation of energy

fbl Mpm Upa =

P MY, P(l—Y)V] (1)

(2)

(3)

4)

(5)

(6)

(7
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Relations (1) through (7) may be combined, eliminating F and Pp and solving for
P to yield

p
f X Q
KT Ha Um) T P2 VYm0 Vi) TF P Yseo Vsnp) " TV
) Py ’
P=] s , ®)
a_ _pm _ "1_ P2
S e
J y

U U, ., and p are

From our phase equilibrium assumption Pf, Pepo? b2’ Ugeo fe2

determined by T . Hence, P can be calculated from Equation (8) for any T .
Then v y

P =P -P 9)

and since

p pm pu R T R T

Mp Pp p
-:\‘/.— =Y R T (l Y) T (10)
py p a
Finally, the fraction of fuel vaporized, e, is given by
Prpa” YV Peb2
e = _——-———_—V = Y ® o (ll)
Peb1 Ptb1
12
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With the model used in this analysis, e cannot be greater than X, by definition,

When ¢ is equal to X all the mixed liquid is just vaporized. Thus,

e =X
or using Equation (11) for 6,
Y
Y . _h2 < X
Ptb1
and
p
X fb2
¥ 5 (12)
fbl

Equation (12) places a limitation on values of X and Y that are consistent with the
analytical model for any particular transfer pressure (i.e., pgyp). The procedure

M
for calculating 8 and P, the quantities of interest, for a given X and Y was as

A

follows. Choose a value of Ty and determine the fuell\froperties at Time 2;
calculate P from Equation (8), Pp from Equation (9), -2 from Equation (10)

and ¢ from Equation (11). Calculations of this nature for various values of T

s

have been used to determine ¢ and l\-ép— as functions of P for given X and Y.

C. PROPELLANT EVAPORIZATION AND PRESSURANT GAS
REQUIREMENTS FOR ADIABATIC TRANSFER

1. Liquid Hydrogen Transfer

The percent of liquid hydrogen vaporized during transfer, €, and the

helium gas requirements, —P | have been calculated for helium pressurized
transfers under adiabatic conditions, over a range of transfer pressures and for
several combinations of values of X and Y.

13
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The liquid hydrogen was assumed initially saturated at 36°R. Figure 2
shows the percent of liquid that is vaporized, assuming that the helium gas input
temperature is 530°R. The three curves, excluding the two for X=1, are perhaps
most representative of real transfer processes, because considerable stratifica-
tion usually takes place in the liquid. As one would expect the percent of liquid
hydrogen vaporized increases with transfer pressure. The curve for X = .02
stops at P = 39,7 psia; at that point ¢ = X , i,e., all the mixed liquid has been
vaporized.

The proportions of hydrogen vapor and helium in the mixed portion of
the ullage are indicated by Figure 3. The Figure shows that, for X less than
about 0.1, the volume fraction of hydrogen in the mixed ullage is very high and
nearly constant, regardless of the precise values of X and Y, and almost inde-
pendent of transfer pressure. For these cases of small X, only a fraction of
the heat given by the helium as it cools to near liquid hydrogen temperature is
absorbed as sensible heat by the liquid. The controlling energy balance is between
the cooling helium and the vaporizing liquid hydrogen. The heat release of the
helium per unit mass and the heat absorbed by the hydrogen per unit mass are both
fixed by the final temperature, which never departs widely from the initial liquid
temperature. Thus, the energy balance implies a nearly fixed mass ratio, and,
hence, volume ratio, of hydrogen and helium in the mixed ullage, almost
independent of X, Y and transfer pressure.

For small X, where the volume fraction of hydrogen in the mixed por-
tion of the ullage is nearly independent of Y, and the transfer pressure, the mass
of fuel vaporized is approximately proportional to Y and the transfer pressure,
as may be seen in Figure 2,

At a transfer pressure of about 16,5 psia, the curves in Figure 3 for
various values of X and Y intersect. At that pressure, the final mixed liquid
temperature exactly equals the initial liquid temperature, No heat is absorbed
by the mixed liquid remaining after transfer, so the value of X does not influence
the heat balance. Y also cancels out of the heat balance. The mixed gas temper-
ature is the same as the initial liquid temperature, i.e., fixed; the heat balance
fixes the final mass ratio. The pressure ratio is determined by the mass ratio
and, because the partial pressure of hydrogen is fixed at the saturation value
corresponding to the initial liquid temperature, the transfer pressure for this
unique condition is fixed.

The helium gas requirements are shown in Figure 4. As would be
expected, the mass of gas required increases with transfer pressure for all values
of X and Y. For transfer pressures higher than 16.5 psia, which are of most in-
terest, the helium required increases with both X and Y, i.e., with the amount
of mixing. When X = 0, no mixing occurs between liquid and pressurant gas,
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and the helium gas remains at its input temperature, Therefore, its density and
the mass of gas required are a minimum. For small values of X, as described
above, the influence of the liquid fraction on the energy balance and thus on the
mass of pressurant gas required, is not strong. Furthermore, the volume
fraction of hydrogen and helium in the mixed portion of ullage are nearly inde-
pendent of transfer pressure. Consequently, for a given value of Y, the mass of
helium required will be essentially proportional to transfer pressure, as

Figure 4 shows. The effect of Y on the helium required, as shown by the curves
for X =0.1; Y=0.5, and 1.0, is weaker than one might expect. Even though the
helium in the mixed portion of the ullage is at a much lower temperature, hence,
higher density, Figure 3 has shown that the fraction of hydrogen in the mixed
portion is high, and the partial pressure of helium correspondingly low. Hence,
replacing unmixed helium volume with the mixture of helium and hydrogen does
not greatly increase the total amount of helium required.

The effect of helium input temperature on percent liquid hydrogen
vaporized is shown in Figure 5, for the case X = 1, Y =1, Two curves are shown,
one for an inlet temperature of 530R, the other for 350R. As is evident, the
warmer gas can vaporize a greater amount of liquid hydrogen for a given transfer
pressure. Both Figures 2 and 3 were drawn for helium input temperature of 530°R.
Similar plots for a temperature of 350°R would be expected to show the same
general influence of X and Y. However, we would expect the volume fraction of
hydrogen in the mixed portion of the ullage for given X and Y to be lower than shown
in Figure 3, since the energy content of the incoming helium and its ability to vapor-
ize hydrogen would be significantly reduced.

2. Liquid Oxygen Transfer

In the calculations for liquid oxygen, the liquid was assumed initially
saturated at 162°R. The percent of liquid oxygen vaporized during transfer is
shown in Figure 6, again for a helium input temperature of 530°R. The amount
vaporized is relatively insensitive to both pressure and X, being mainly dependent
on Y. Figure 7 shows the partial pressure of oxygen in the mixed portion of the
ullage. Over much of the transfer pressure range, say from 25 to 50 psia transfer
pressures, the oxygen pressure deviates little from the saturation pressure cor-
responding to the initial liquid temperature, The large volumetric heat capacity
and latent heat of the liquid keep the mixed liquid temperature near its initial
temperature, and the partial pressure of fuel vapor in the mixed ullage near 15
psia. At a transfer pressure of 38 psia, the mixed liquid temperature exactly
equals the initial liquid temperature, as with hydrogen at 16.5 psia. The pressure
at which this condition occurs, and the partial pressure of oxygen in the mixed
portion of the ullage for this condition are both independent of X and Y.
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At transfer pressures below 38 psia the mixed liquid temperature after transfer
would be lower than the initial value, as cooling by evaporation of fuel into the
ullage would overbalance the heat input to the liquid from the helium.

The presence of warm helium gas during transfer has only a limited
influence on the behavior of the liquid oxygen. At low transfer pressures the
process resembles that for a wet accumulator, wherein a saturated liquid is per-
mitted to drain from a fixed volume, while flashing of the liquid remaining in the
volume maintains a diminishing pressure in the ullage. Even at as high a transfer
pressure as 50 psia, the heat content of the helium gas, when absorbed by only a
small portion of the liquid, for example, X = .003, would raise the pressure in
the ullage just 3 psia above the value corresponding to the initial liquid temperature.

Figure 8 shows the helium gas requirements. The helium required in-
creases with pressure., It is cooled to near the initial liquid temperature almost
independent of X, so the total mass required at a given pressure is principally
dependent on Y. The curve for X = 0 represents the case where no mixing occurs
between helium and liquid oxygen. The helium would remain at its input tempera-
ture and a minimum amount is required, Mixing with only a small portion of the
liquid can cause a substantial increase in the gas required. For example, at
50 psia transfer pressure, mixing with a fraction of liquid of only .003, increases
the helium required per unit volume from .035 pounds per cubic feet to .052 pounds
per cubic feet, an increase of about 50 percent., This results from the large
volumetric heat capacity and latent heat of the liquid oxygen.

The effect of helium input temperature on liquid oxygen vaporized is
shown in Figure 9. The effect of reducing the input temperature from 530R to
350R on the amount of liquid oxygen vaporized is minor, consistent with the
limited influence of the warm helium on the oxygen transfer process, as discussed
above.

D, AMBIENT HEAT LEAK EFFECTS

Heat leak into propellant tank can cause additional vaporization of
liquid over and above that predicted by the gas liquid interaction discussed pre-
viously, In this section, we have evaluated reasonable limits with a range of
ambient heat leaks to be anticipated for liquid hydrogen and liquid oxygen tanks
and consider the influence which this might have on the previous results.
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1. Propellant Tank Heat Leak Range

Although it is desirable that analytical methods be applicable to as large
a range of heat leak as possible, it is probable that some facets of our work may
ultimately depend on semi-empirical correlations or analytical methods having a
limited range of validity, Also, numerical examples will be of most value if applied
to representative heat flux conditions. Therefore, it is desirable to define the heat
leak ranges of most interest. To this end we have briefly reviewed the heat leak
ranges typical of liquid oxygen and liquid hydrogen tankage on first and second stage
vehicles,

It is generally accepted that liquid hydrogen tankage must be insulated;
whereas liquid oxygen tanks need not be insulated. The need for insulation on
hydrogen tanks results from both the low volumetric sensible and latent heat of
hydrogen and also the high heat fluxes of uninsulated tanks of liquid hydrogen. For
instance, if we assume that a rise in bulk liquid saturation pressure of 1 psi per
minute is an allowable limit for the heat input to a closed 20 foot diameter tank of
liquid hydrogen, the maximum allowable side heat leak is 700 Btu/hr/ft2. Ambient
heat transfer to uninsulated surfaces at liquid hydrogen temperatures is of the
order of 5000 Btu/hr/ft2, Therefore, insulation is indicated for liquid hydrogen
tanks. On the other hand, a 20-foot diameter liquid oxygen tank can tolerate a heat
" leak of 10, 000 Btu/hr/ft2 for the same allowable saturation pressure rise of 1 psi
per minute. Ambient heat transfer to uninsulated tanks of liquid oxygen is unlikely
to exceed 5000 Btu/hr/ft2 under severe ground heat leak conditions such as a
50 knot wind and 50% relative humidity. We have not studied aerodynamic heating
rates to any extent, however, some prior studies conducted in conjunction with an
airframe manufacturer on a large first stage vehicle indicated maximum aerody-
namic heating rates of about 35000 Btu/hr/ft2. Higher velocity vehicles would
have higher maximum aerodynamic heating rates. However, for our present
studies, we will assume that aerodynamic heating rates will not be substantially
over 5000 Btu/hr/ft? for a major portion of the flight., Therefore, it appears
unnecessary to insulate liquid oxygen tanks,

For liquid hydrogen tanks insulated with the equivalent of 1/2 inch of
styrofoam, we would expect a heat leak of about 200 Btu/hr/ft*. Based on the
criteria above, we feel that a maximum heat leak should not exceed about
700 Btu/hr/ft2 . Therefore, we would consider a heat leak range of 100 to
1000 Btu/hr/ft2 to be adequate for liquid hydrogen tanks.

Under fairly low ground heat leak conditions (no wind, 50% relative
humidity) we would expect the ambient heat leak to liquid oxygen tanks to be about
500 Btu/hr/ftz. As previously stated, we would not expect aerodynamic heating
rates to be substantially above 5000 Btu/hr/ftz. Therefore, we feel a range of
500 to 5000 Btu/hr/ft2 is reasonable for liquid oxygen tankage.
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2, Incorporation of Heat Leak into Basic Analytical Method

Heat leak into the fuel tank during transfer can cause additional vapor-
ization of liquid. Equation (8) shows the effect of the heat leak from external to
the tank into the system consisting of M., and XMg,;. Heat added to the system,
a positive Q, would decrease P for a given T,,. For the given Ty, Py is fixed,
P would be less and the ration Pg /P would be increased. Thus, the fraction of
fuel in the ullage gas after transfer, which is proportional to P /p, would be larger.

We have considered recomputing the previous results for a range of
heat addition terms. However, we have felt that the significance of this calculation
would not merit the rather large effort required. Therefore, we have used an
alternate approach of comparing the ambient heat input with the heat input which
would result from cooldown of the helium pressurant gas.

3. Comparison of Ambient Heat Addition with Heat Liberated by
Cooldown of Helium Pressurant Gas

The heat per unit volume resulting from ambient heat leak can be com-
pared with the heat per unit volume liberated by helium cooldown as an indication
of the relative importance of these two heat sources, In this development, we
shall use some rather broad assumptions, but we feel the results will at least
have qualitative significance.

For the purpose of this comparison we will take the volumetric specific
heat of the helium gas to be .03 Btu/cu ft °F, This volumetric specific heat is
obtained as the product of the density and specific heat of the pressurant gas at a
temperature of 460°R and a pressure of two atmospheres, In fact, the density
of the helium gas will tend to increase as it cools down which acts to increase the
mean volumetric specific heat, but on the other hand, not all the helium will cool
down, so perhaps the assumption that the helium gas cools down at the initial
volumetric specific heat is not too far from the actual fact., To compute the total
heat liberated by the helium, we assume that the helium pressurant gas will cool
to the atmospheric boiling point of the propellant. Therefore, the total cooldown
heat per unit volume for helium above hydrogen is 13 Btu/ft3; and for helium above
oxygen, 9 Btu/ft3

In computing the total ambient heat addition, we will assume a tank
diameter of 20 feet and a heat addition time of 10 minutes, For a heat flux of
1000 Btu/hr/ft? the heat addition per unit volume will be 20 Btu/cu ft. At other
values of ambient heat flux the heat addition term is ratioed linearly. Now, making
use of the ranges of ambient heat leak defined in Section 1 above, we would expect
the total heat addition per unit volume will range from 2 to 20 Btu/ft3 for hydrogen
and from 10 to 100 Btu/ft3 for oxygen.
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The numerical values developed in the preceding two paragraphs are
presented in Table V-1 below.

TABLE 1

COMPARISON OF AMBIENT HEAT LEAK AND
HELIUM COOLDOWN HEAT QUANTITIES

Heat Addition Btu/ ft3

Heat Source Hydrogen Oxygen
Ambient Heat Leak 2-20 10-100
Helium Cooldown 13 9

Although the results presented in the table above are rather qualitative,
a rather interesting difference between hydrogen and oxygen is apparent. In the
case of hydrogen, the heat addition associated with helium cooldown is about in
the middle of the range of heat addition due to ambient heat leak, Therefore, for
the low end of the ambient heat leak range we would expect liquid hydrogen surface
temperature and evaporation to be controlled primarily by liquid-ullage gas inter-
action and only at the high end of the ambient heat leak range would we expect the
heat leak to be important. With oxygen, on the other hand, even the lower values
of ambient heat leak are equivalent to the heat addition associated with helium
cooldown.

Since our previous work has shown that the interaction between the
helium and the hydrogen is apparently sufficient to elevate the hydrogen surface
temperature to near saturation, we might expect surface temperatures in liquid
hydrogen tanks to fall in the range of near saturation for low values of heat leak
and at saturation for higher values of heat leak, Stated alternately, we might not
expect ambient heat leak to influence liquid hydrogen surface temperature very
much since the surface temperature in the absence of heat leak is frequently
close to saturation, but at higher values of heat leak free boiling may result.

In the case of oxygen, since previous adiabatic studies have shown helium cool-
down to have little influence on surface temperature, and since the heat range

in general falls above that resulting from helium cooldown, we would expect the
liquid oxygen surface temperature to be solely controlled by external heat leak.
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E. DISCUSSION OF RESULTS

The analysis described is based on only energy and mass balances, It
cannot be used to predict how much mixing will occur between liquid fuel and the
pressurant gas. Nevertheless, by assuming that certain fractions of liquid and
pressurant gas interact, some interesting results have been obtained. In a
liquid hydrogen transfer, the volume fraction of hydrogen gas in the mixed
portion of the ullage, for small values of X, is essentially independent of the
transfer pressure and of Y, Thus, when the liquid is highly stratified the mass
of hydrogen vaporized is nearly proportional to the transfer pressure and to the
fraction of final ullage volume containing well mixed hydrogen and helium. Low
transfer pressures and prevention of mixing of gases in the ullage volume could
contribute significantly to reducing fuel vaporization.

In a liquid oxygen transfer, the partial pressure of oxygen in the
mixed portion of the ullage tends to remain at a value near the saturation pressure
corresponding to the initial liquid temperature (about 15 psia in our calculations),
As with hydrogen, the mass of liquid oxygen vaporized is nearly proportional to
Y, the fraction of mixed ullage volume. However, in contrast to hydrogen, the
mass of liquid oxygen vaporized is only weakly dependent on the transfer pressure.

The considerable differences between hydrogen and oxygen stem from
the widely differing thermal properties of the two. Their properties, that are of
most significance in an energy balance, are shown in Table V-2 below. Both the
volumetric specific heat and latent heat are much higher for liquid oxygen. As
a result, the heat exchange between warm helium and liquid hydrogen is relatively
more important than with oxygen. Mixing in the ullage gas is important in both
liquid hydrogen and liquid oxygen transfers, though for somewhat different reasons.
With liquid hydrogen the mixing carried hydrogen vapors into the ullage volume
and supplies enough energy to cause considerable liquid vaporization. With liquid
oxygen the mixing merely carries fuel vapor at a pressure near 15 psia, into the
ullage.
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TABLE 2

THERMAL PROPERTIES OF LIQUID HYDROGEN AND
LIQUID OXYGEN SATURATED @ 1 ATM

Property Hydrogen Oxygen
- . LB

Liquid Density, °L "3 4.4 71

Liquid Specific Heat, C| - I‘BB% 2.2 0.5
Btu

Latent Heat, A iB 194 90

Volumetric Liquid Btu

Specific Heat, p. C_ - ——— 9.7 35
L L fts_oF

Volumetric Latent Btu

Heat, PN - ——— 850 6400
L ft3
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VI, INTERFACIAL MASS TRANSFER AT LIQUID SURFACE
IN THE ABSENCE OF FREE BOILING

A, GENERAL APPROACH

Experimental data which are presently available indicate that the mass
transfer rate from the surface of a liquid cryogen is controlled by a molecular
diffusion mechanism. In order to make available a quantitative model for the
interfacial mass transfer process, the partial differential equations for the dif-
fusion of an evaporating cryogen through inert pressurant are formulated and
then integrated. By converting the integrated results into dimensionless form a
general correlation is presented which allows the calculation of the rate of liquid
evaporation once the conditions at the liquid surface and the ullage concentration
at infinity have been specified. Methods of determining the liquid surface tem-
perature are considered in Section VII of this report.

After a discussion of the diffusion mechanism, the effect of free con-
vection in the helium ullage is investigated. Since only minor differences are
found between the results of the diffusion and free-convective models, it is felt
that reliable means for the calculation of interfacial mass transfer have been
determined.

Both the diffusion and convection models assume that the flow pattern
of the ullage gas is unaffected by the flow of pressurant gas into the ullage. In
order to check the validity of this assumption, a theoretical analysis is provided
which predicts the penetration length of a jet issuing into a stagnant ullage.

Finally, the results of all theoretical calculations are compared with

available experimental data and a final basis is formulated for the calculation
of interfacial mass transfer rates,

B. MOLECULAR DIFFUSION

There is considerable experimental evidence that the rate of evaporation
of a liquid cryogen into an ullage filled with an insoluble pressurant is limited by
the molecular diffusion of the vaporized cryogen into the ullage. Thus it is
hypothesized that a stagnant layer of gas is built up on the liquid surface and that
this layer constitutes the main resistance to mass transfer, This section pre-
sents a method for calculating the amount of evaporated liquid and concentration
gradients in the ullage as functions of time assuming that molecular diffusion is
controlling and that convective effects are unimportant,
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A mathematical difficulty is encountered in applying the molecular diffu-
sion equations when the cryogen vapor pressure on the liquid surface approaches
the total pressure of the system, i.e., at the onset of free boiling. Under these
conditions it is shown that the results of the kinetic theory may be applied to
determine the surface temperature, thus avoiding any such mathematical diffi-
culties,

In order to apply the results of these calculations to the problem at
hand, a method is presented for the calculation of the molecular diffusivities of
oxygen and hydrogen in helium. Finally, calculations are made for typical hydro-
gen-helium and oxygen-helium systems.

1. General Development of Classical Molecular Diffusion Theory

a. Mathematical Development of Diffusion Equations

The system being considered, shown schematically in Figure (10),
consists of a cylindrical storage tank containing a liquid cryogen which is being
expelled by an insoluble pressurant. It is assumed that the area of the liquid
surface remains constant throughout the operation and that there are no radial
gradients in either temperature or composition.

If x is the distance from the liquid surface, the following differential
material balance may be written on component A, the vaporized cryogen in the
gas phase:

. s) NA _ 3 CA 13)
ox ot
But the flux of A may be expressed as the sum of two terms whereby
N, =-D i CA + N
A dx VA
or
N, =-D i CA + C,u
A 3 X A'm (14)

The first term on the right-hand side of this equation equals the molal
flux of A relative to an imaginary plane of no-net-molal-flux, The second term
accounts for the motion of this imaginary plane with respect to the liquid surface;
it is this term which destroys any analogy between this problem and any of the
standard heat transfer problems.
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Substituting Equation (14) into Equation (10) and assuming D and C to
be independent of both time and distance, the following is obtained:

2
° V4 3 ° Y

D=3 "5x UmV¥a) = 53 (19)

As it was assumed that C is a function of neither x nor @, it is shown
in Appendix A that uyy, is independent of x at any given time and that Equation (15)
may be reduced to the Stefan-Maxwell equation:

2
° Yy Yy ° Yy
D——— -u = (16)
3 x2 m 3x 36
with boundary conditions:
Yy on at x = 0, all 8 (17a)
VA = YAoo at 8 = 0, allx (17b)
VAo = Yae at X =o, all 8 (17¢)

These boundary conditions are based on the assumptions that (a) the
concentration of A at the surface remains constant throughout the operation,
(b) that the ullage space is filled initially with a gas of uniform composition, and
(c) that the dimensions of the ullage are large compared to the distance that the
vaporized cryogen penetrates into the ullage.

The numerical values of and will depend upon what mechanism
Va0 YA

is postulated for the formation of the stagnant gas layer above the liquid surface,
The various possible mechanisms and values of y Ao and y Aoo will be discussed

after the general differential equation has been solved.
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In order to solve Eg_qation (16), it is necessary to define a new inde-
pendent variable, § =x/2 »/ D6 . By substituting this variable into Equation (16),
the following equation results:

&2
v , -
A 4 B - i

5,y A
D m/ dE

)]
@]

(18)
dg

Using the fact that N is equal to Np, and is independent of s for the
case under consideration, it is shown (Appendix A) that:

,dy —
-1 AN . | 5 -
[Z(I-YAO) (\dg ;5 '0]‘um“/5 ’ (9

where the parameter ¢ is independent of both x and 6 . Equation (18) may then
be written as
2
dy, dy ,
T2 (8-9) 55 = o (20)

dg

with boundary conditions

Vo = Yao for € = o (21a)
Vy =V, for &= o (21b)
Equation (20) may be integrated directly to yield
_ l-erf(€-¢)
YA © Tiverio (22)
where
y -2 YA
A Yo YA
Combination of Equations (19) and (22) results in
Yang " Y
Ao A 2 .
H—I—T—g———?izuﬂ(l—i—eerS)QSeXp((ﬁ) (23)
Ao
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A complete derivation of Equations (22) and (23) is givenin Appendix A,
The work of Arnold D) and Byrd (22) may be consulted for further treatment of
this and other related diffusion problems.

b. Determination of Concentration Profiles

In order to determine concentration profiles for the penetration of the
vaporized propellant into the ullage, Equation (22) may be solved for specified
values of Y,. Since Equation (23) relates ¢ to(y, -y, )/ (1l -y, ), the

A Ay Ay Aq

quantity &, may be plotted versus (y, -y, )/ (1 -y, ) for various values

A Ao TAx Ao
of YA' This has been done in Figure 11 and this plot allows the direct calculation
of concentration profiles at any time for any specified pair of y A and y A The

0 0

quantity (y, -y, )/ (1 -y, ) may be computed from the selected values of

Ay A Ao
y, andy ; then the values of &y may be read from Figure 11 for each value of

Ap Aco A :
Y A shown on the graph., Now by multiplying each value of €y by 2 /D8 the
A

penetration distance corresponding to each valueof YA may be calculated. Since
the values of Y, atx = o and X = o0 are already known, the complete composition

A
profile may be determined at any time for any set of boundary conditions.

¢. Determination of Total Amount Vaporized

The mass of propellant lost per unit of surface area is given by:

5 5
WA=MAf N, df = MACTJ'umde
(6] (0]

Making use of Equation (19)

w, = ZCTMA ¢ /DB (24)

The parameter ¢ may now be eliminated between Equations (23) and (24) and the
quantity W, / C7 M, /D8 may be plotted as a single-valued function of the
variable (yp, - VAo) /(1 - yao). This plot is shown in Figure 12 and allows
calculation of the mass evaporated as a function of time for any pair of

Yao and yAw,values.
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The parameter W, Cp My /D8 has special significance when con-
verted to an effective diffusion length, To accomplish the conversion we note
that, for ideal gas behavior, the product CTMy is equivalent to the propellant
vapor density evaluated at the ullage pressure and some defined temperature,
which will be discussed below. To further explain this point we may recall that
C is defined as total moles per unit volume and, for perfect gas behavior, is
solely a function of the propellant vapor (M), one obtains a mass per unit

W
volume or density. Therefore, we may define a term L =
1 CT M A

thickness of an equivalent layer of pure vapor and from the prior development,

which is the

L1 /D6 = 2¢, is a single valued function of the variable (yA "V, )/ (1 - N ).
o) 09] o

In order for this difference in length to be useful, we must specify the
temperature associated with the diffusion process. First the diffusion is generally
confined to a gas layer adjacent to the surface. Secondly, the temperature effect
is weak, since the temperature dependent factor C./D  is proportional to T- 25,

Therefore, for simplicity, we have decided to use the propellant satura-
tion temperature at ullage pressure as the temperature associated with the
diffusion process. At this point, we may now consider the length L1 to represent
an equivalent thickness of pure vapor saturated at ullage pressure. This equiva-
lent thickness is a convenient way of expressing the total mass of diffused vapor.
The mass diffused can be taken as the product of (L) x (Surface Area) (saturated
density). The volume percentage of diffused propellant may be interpreted in two
ways:

(1) If we consider the actual physical situation, of the propellant lying
in the cold region adjacent to the liquid surface, the volumetric fraction for a
cylindrical tank is merely L divided by total ullage height.

(2) If we think in terms of a hypothetical mixed situation, where the
propellant vapor is assumed to be distributed throughout the ullage, the actual
propellant vapor volumetric fraction of (1) above is multiplied by the ratio of
mean ullage temperature to liquid saturation temperature.

d. Applicability of the Diffusion Model

In making use of Figures 11 and 12 to calculate diffusion rates and con-
centration profiles, the values of y,,andy, must first be specified. However,
if y,o is allowed to approach unity, Equation (23) and Figure 11 show that ¢ must
increase to infinity., Equation (24) shows that this limit leads to the unreasonable
results of an infinite vaporization rate.
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Thus, before any calculations are carried out, Section VI-B-2 is
presented to clear up the mathematical difficulties involved when large values
of ypo are to be considered; i.e., when the liquid surface temperature is
(nearly) equal to saturation at ullage pressure.

2. Kinetic Theory Application to Saturation Liquid Surfaces

As pointed out in the previous section, the factor ¢ increases to infinity
as yp, approaches unity. Under these conditions, the liquid is approaching a state
of free boiling and the foregoing diffusion analysis is not sufficiently comprehensive
to treat this problem.

In order to avoid these mathematical difficulties, it is proposed that the
principles of kinetic theory be brought to bear on the problem. With the aid of
kinetic theory, it may be shown y, approaches an upper limit established by the
rate at which liquid can evaporate from the surface.

In order to consider the evaporation process more closely, consider
the section of the cryogen liquid surface as shown schematically in Figure 10,
It is to be assumed that there exists a quiescent liquid surface at temperature T

and vapor pressure P A As the liquid vapor pressure is allowed to approach
o
the total system pressure, the resistance to the liquid vaporization process be-

comes an appreciable portion of the total resistance to mass transfer., Now the
problem must be solved by combining the law governing the rate of evaporation
from a liquid surface with the equations already developed for diffusion in the
gas phase,

Since the resistance to the evaporation process is now important, the
partial pressure of component A just above the liquid surface, P A will be

0
slightly less than P The results of kinetic theory may be applied under these

Ay’
circumstances to show that the rate of evaporation is given by:
- +
N, = T (2TM,RT ) <PAO-PAO> (25)

Where [, the sticking coefficient of molecules at the liquid surface is taken as
unity for the present analysis,
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Also, Equation (24) may be differentiated with respect to time to yield

a WA _
35 S Ny = Cp o (D/6)
A

wi-

Now these two equations may be combined as

+
0 o)
where
1 -3 3
Y= (ZTTMART ) CT (D/8)

Also using the same procedure, the defining equation for ¢, Equation (23),
may be written

—-— ¢’ PAO-PA e
JT o (l+erfo)ge PP T Ve
A
o)
and for the case where PA =P,
0
P -P
o 9 ¢2 AO A
p+/m (1+erfp)p e = — (26)

Since the term <PA - PA) / ¥ may be easily defined for any given problem, the
o /

above equation may be used to find an upper value for ¢ in the case where the 1

liquid nears the free boiling range. For example, calculations performed over a
range of saturation pressures from 1 to 3 atmospheres and times from 102 sec to
104 sec for hydrogen and oxygen indicate that <P >/ y falls in the range of

3 x 10° to 3 x 107, and consequently, from Equation (26), ¢ falls in the range of

/YA y
3.0t03.6. An average value of ¢ = 3.3 (or from Equation(ZB)(—i——?—gr—ﬁ 107)

A
o}

may be used for the cases of liquids nearing free boiling, and the results should
be consistent with both the results for diffusion in the gas phase and the pre-
dictions of the kinetic theory of liquid evaporation.
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3. Molecular Diffusivities of Hydrogen and Oxygen in Helium

In order to make use of the results of the diffusion analysis it is of
course necessary to know the molecular diffusivities of the species in question.
Values of these quantities are calculated by standard methods and are compared
to available experimental data.

a. Experimental Data

Although methods are available for calculating molecular diffusion co-
efficients, experimental data are useful as an independent check on the analytical
results. The need for an experimental check is most important in the case of
helium-hydrogen mixtures at low temperatures, since quantum effects might be
expected to be significant in this region.

For helium-hydrogen mixtures, three references were 1ocated(.%’—2i’—2—6—)
All measurements were made at one atmosphere; the temperature range covered
was from 52°K to 293°K. This data is identified in Figure 13.

Similar data on helium-oxygen mixtures were unavailable,

b. Theoretical Estimation of Diffusion Coefficients

At low pressures where the gas mixture does not deviate appreciably
from an ideal gas, theory is sufficiently advanced to allow one to calculate binary
gas diffusion coefficients,

For molecules for which we have either viscosity or P-V-T data it has
been possible to determine the Lennard-Jones potential parameters. Such param-
eters may be used directly in the theoretical first-approximation formulae for
binary diffusion coefficients. Hydrogen, helium and oxygen are in this class.

For reasonably low pressure gases, the diffusion coefficients may be
calculated as follows:

2.628 x 107 T/ M*1/2
Dy = 2 (L, 1) " (27)
P oy, 0 (T,,")
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2
Reid and Sherwood(—@ and Hirschfelder, Curtiss and Bird@Z) show

rather extensive comparisons between experimental values of D9 and those cal-
culated by Equation (27). Agreement is surprisingly good, i.e., less than
10 percent., Equation (27) was thus used to calculate

D - He and D - He
O2 HZ

over a wide temperature range. The plots are shown in Figure 13. D increases
with temperature and the temperature effect is felt predominantly in the T3/2term.

Q(l’ 1 (le*) is a weak function of temperature and varies from somewhat less

than one to somewhat greater than one. Bird(-z-g)gives a good physical interpretation
of this collision integral function. For hard sphere molecules that do not interact,
1y, . . . ,
Q is unity; for interacting molecules at low temperatures, molecular energies
are low and collisions sluggish with longer effective collision times; Q(l’ b is
greater than unity and D12 decreases. Athightemperatures molecular energies

are large and upon collision of molecules some interpenetration occurs, the result
of which essentially decreases the time of a collision; D12 increases and Q (1, 1)
is less than unity.

Pressure affects D12 inversely in the simple case, thus Figure 13
shows, for example,

D = (1/10) D

10 ATM 1 ATM * St

c. Discussion of Quantum Effects

Bird (-%S—)States that for binary systems involving He or Hy below 50°C,
Equation (27) should be corrected for quantum effects. Such corrections are very
difficult to obtain and at the present time introduce large uncertainties. It is
proposed here that the quantum corrections are of minor importance and may be
neglected, The evidence for this statement is as follows:

1) On Figure 13, the experimental data available appear to agree with
predicted values of DHe—H within experimental accuracy.
2

2) Comparisons of self-diffusion coefficients of Hy-Hy and 04-0, at
20.6°K and 77.7°K respectively, calculated from Equation (27) and from experi-
mental data agree well, (See Table 8,4-13 of Ref.27.) These temperature ranges
coincide with values of T* of as low as 0.6. In the present estimation, the lowest
value of T* used is 1.09 (Hz—He at 20°K).
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d. Conclusion

Although experimental data for diffusion coefficients of He-H> and
He-O9 are scarce and of somewhat doubtful accuracy, predicted values from
Equation (27) are believed accurate to 10-15 percent. The recommended values
are shown in Figure 13. Quantum effects are not believed to be significant in
these cases,

4. Typical Results for Hydrogen and Oxygen Systems

In the discussion above the basic equations for molecular diffusion have
been developed for classical diffusion theory, and curves presented to allow for a
determination of concentration profiles and quantity vaporized in terms of boundary
conditions for the molecular diffusion process, and the diffusivities of the phases
involved. Kinetic theory has been used to resolve the rather anomalous situation
where classical diffusion theory tends to predict an infinite rate of evaporation as
the vapor fraction adjacent to the surface approaches unity. Data for the molecular
diffusion coefficients of hydrogen and oxygen diffusing into a helium gas have been
developed and presented graphically. In this section we will illustrate application
of these methods and calculate actual evaporation quantities.

It must be noted that the classical diffusion model is applicable to cal-
culation of diffusion rates resulting from fixed surface and ullage concentrations.
Specification of these boundary conditions required independent information about
the situation in the propellant tank, and subsequent portions of this report will be
devoted to means of determining these boundary conditions, particularly the liquid
surface temperature . At this point we will merely attempt to establish reasonable
maximum and minimum concentrations for the ullage and liquid surface. For the
liquid surface the maximum partial pressure would occur if the liquid surface was
almost saturated at ullage pressure. As will be discussed in more detail in
Section VII, we might expect this situation to occur in liquid hydrogen tanks or in
liquid oxygen tanks subjected to high heat leak, As the other limit we might
expect the liquid surface to be saturated at one atmosphere. We might expect this
condition to be typical of low heat-leak liquid oxygen tanks. For the ullage gas
we might expect an initial maximum concentration of one atmosphere, and an
initial minimum concentration of zero. We might anticipate the concentration of
one atmosphere to be typical of the situation existing at the end of initial pressur-
ization with a normal diffuser configuration which would allow good mixing in the
ullage. We might consider the case of zero concentration in the ullage to be
representative of the ullage concentration during transfer when the propellant
vapor originally present in the ullage is diluted to a large extent by the increase
in ullage volume. These combinations of liquid surface and ullage concentration
result in four possible cases which are presented in Table 3. It may be noted that
the fourth case in which the liquid surface of the ullage concentrations are both
equal to one atmosphere is a trivial case since the diffusion rates would be identi-
cally equal to zero for this situation,
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TABLE 3

CASES TO BE INVESTIGATED IN THE DIFFUSION ANALYSIS

Evaporating Cryogen Yo " Y,
Partial Pressure, Atm 0 fo0)

YA YA -y

Case No, Liquid Surface Ullage 0 W A,
I P 0 1.0 0 00
1

I 1.0 0 1/P 0 T

I p 1.0 1.0 1/p 00
v 1.0 1.0 1/P 1/P 0

Notes:
1. Liquid Surface Partial Pressure
a, The condition where PA =P corresponds to a high heat leak to the

0
liquid surface, thus bringing the surface vapor pressure up to the
total system pressure,

b. The condition where PA
leak to the surface. °
2. Ullage Partial Pressure

= 1.0 represents the case of very low heat

a. The condition of P, = 1.0 corresponds to the case of good mixing
Ag
in the ullage during initial pressurization.

b, The condition of PA = 0 is typical of the situation during transfer.
00)

In Figure 14 we have presented a plot of dimensionless penetration
length as the function of total ullage pressure for the three combinations of liquid
surface partial pressure and ullage partial pressure of interest. From this plot
it may be noted that cases I and III are identical since when the liquid surface
partial pressure approaches the ullage pressure diffusion is limited entirely by
surface kinetics and, as such, is uninfluenced by the partial pressure in the ullage
space. Also, for these two cases the dimensionless penetration length is inde-
pendent of ullage pressure. For case II in which the liquid surface is assumed to
be saturated at one atmosphere and concentration in the ullage is taken to be zero,
dimensionless penetration length drops off with pressure. In this case the major
effect seems to be that the quantity diffusing is constant. However, as the ullage
pressure increases this becomes a smaller percentage of ullage mass and, there-
for, the dimensionless penetration length is reduced.
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Figure 15 presents a plot of penetration length as a function of time for
cases I and IIl for hydrogen and oxygen diffusing into helium. For cases I and III
in which the evaporation is primarily limited by surface kinetics, the dimensionless
penetration length is independent of ullage pressure as discussed in the above para-
graph. It may be noted from this plot (which really indicates a maximum evaporation
due to diffusion) that the penetration lengths are quite small and when combined with
reasonable tank heights will indicate very small volumetric percentages of propel-
lant diffusion,

C. INFLUENCE OF ULLAGE GAS FREE CONVECTION ON INTERFACIAL
MASS TRANSFER

In this section an analysis is carried out to determine the effects of con-
vective flow patterns existing in a helium ullage bounded by cold tank walls and
a cold liquid surface. This study indicates that boundary layer flow down the
tank walls will result in a stagnant gas layer adjacent to the liquid surface. Bound-
ary layer flow calculations show that the growth of this stagnant gas layer on the
liquid surface is much more rapid than the rate of penetration of propellant vapor
into the ullage due to moleculardiffusion. Therefore, it is felt that the assumption
of a stagnant ullage is valid for the purposes of molecular diffusion calculations.

It would be expected that the stagnant layer adjacent to the liquid surface
would be convectively stable, and that the "new gas" flowing down the tank wall
would deposit on top of the gas which had preceded it. However, as a model to
illustrate the maximum effects due to convective mass transfer it is assumed that
the boundary layer flowing down the tank walls continually undercuts the stagnant
layer and flows adjacent to the liquid surface. By comparing both this result and
those of the molecular diffusion calculations with experimental data, some light
should be shed on the mechanism of mass transfer at the liquid surface.

1. Calculation of Gas Flow Rate Down the Tank Walls

When an inert pressurant such as helium is fed to a tank originally con-
taining a liquid cryogen at one atmosphere pressure, it is anticipated that natural
convection currents will be set up in the ullage space. The gas near the cold walls
will be chilled and will tend to flow down the walls in a film as shown in Figure 16A.

The rate of gas flow down the walls is to be calculated in order to estim-
ate the rate of growth of the stagnant gas layer which rests on the liquid surface.
It is to be assumed that all the gas which flows down the walls in the convective
film remains on the liquid surface and adds to the volume of the stagnant gas layer.
The thickness of the stagnant gas layer is extremely important because it has been
postulated that this layer represents the main resistance to mass transfer at the
liquid surface.

43
Avthur D Listle Inc.




It is assumed that the thickness of the gas film, &, is small compared
to the tank diameter, d ; thus the problem may be treated as natural convection
on a vertical flat plate, It has been shown elsewhere (29) that the solution to
this natural convection problem is given by

-2 La-L )2 28
YT 4 Ymax B (-5 (28)
where . s
1 /g Bf ATN\® 2
u = 0.766 v(0.952+Pr) *|——— ) x~ (29)
max \ 2
NV ’
and 2 1 _i
8 /x” = 3.93Pr =(0.952+ Pr)* er‘f (30)
The heat transfer coefficient at anyx~is given by
h =2k/?% (31)

and by integrating over X“from O to L9, it is easily shown that the average heat
transfer coefficient is

h = 4/3h (32)

(x" =L,

In order to obtain the flow rate of gas down the walls, Equation(28) may
be integrated at a fixed value ofx"fromy =0 to y = 8. Thus:

b
1 27 1
Yave - TOf udy = 7 (3) ey
(33)
u = 27/48 u
ave max

In order to make use of these equations, it is necessary to obtain the
properties of helium at the temperatures inquestion. An average film temperature
is used in order to simplify the calculations; this film temperature is given by

Y - 1
T, =% (T et T,) =% [%(Ti+ T )+ Tw]

and since T =T
o) w
T . =%T. + 3/4T (34)
f i 0
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From the results of the diffusion calculations, it is anticipated that a
stagnant gas layer six inches thick would offer enough resistance to mass transfer
as to make molecular diffusion through the layer the controlling mechanism. By
solving Equations (29)and (30) at x” = Ly and then using Equation (33), the flow rate
of gas into the stagnant layer may be calculated. It is then easily shown that the
time for the formation of a six-inch layer of gas is given by:

d

®) (35)

A=6i )
( 6 inches) 8 g uav,x’ - L

Numerical values from these equations (29, 30, 33 and 35) are easily
obtained. Assuming (1) an ullage pressure of 50 psia, (2) an inlet helium gas
temperature of 530°R and bulk liquid and wall temperatures of 37°R for hydrogen
and 160°R for oxygen, and (3) a Ty from Equation (34) but the AT (in Equations (29)
and (30) as the arithmetic average between T; and T, and choosing kinematic
viscosities and Prandth numbers of helium for the film temperatures corresponding
to the hydrogen and oxygen cases as 4.87 x 1075 and 11.7 x 1075 ft2/sec and 0.76
and 0,70, the numerical values shown in Table 4 are obtained.

TABLE 4

ULLAGE GAS BOUNDARY LAYER FLOW DOWN WALLS WITH
GROWTH OF STAGNANT VAPOR BLANKET ON LIQUID SURFACE

(Time Required to Form
6-inch Layer on Liquid

Lt dft Caye)® ~ Ly DS (8) x7 = Ly, ft Surface-Sec)
LH, LOX LH, LOX ~LH, LOX
0.50 2.0 1.63  2.02  0.013  0.0219 13.6 10.0
1.0 4.0  2.32 2.85 0.0134  0.0260 16.0 12.0
2.0 8.0  3.26 4.03 0.0160  0.0310 19.2 14,2
10 20 7.35 9.0 0.0238  0.0462 14.3 10.7
20 20 10. 4 12.7 0.0284  0.0550 8.5 6.4
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The few values shown in Table 4 may be extended in a simple manner

with the following ratios:
- IME
ax i [‘ )1_]
\F‘z/ (L2,

avx” =L

-2

w2,

/ 61\ i [(LZ)l:r
/o1 _ 4 [(Lﬂf
iy 92 /

(L2)
A =6in, 2

The results of Table 4 make it clear that a stagnant gas layer of suffi-
cient thickness to act as a barrier to diffusion is formed very rapidly. Since a
pressurized-hold-time of 3-5 minutes has been specified for this problem, the
stagnant gas layer should be stabilized long before the expulsion process is
started.

By using Equations (31) and (32), average heat transfer coefficients in
the range of 4-9 Btu/hr/ft2 °F are calculated. These results may be used in
later analyses which take the heat leak into account.

The principal purpose of this analysis has been fulfilled; it has been
shown that the stagnant gas layer is formed essentially instantaneously when com-
pared to the times required for the pressurization, hold, and expulsion phases of
the process.

2. Mass Transfer Coefficients at the Liquid Surface

In the first phase of this analysis, it was assumed that the gas which
flows down the walls of the tank, settles in a gas layer or blanket on the liquid
surface. This assumption is quite reasonable, since the gas blanket is con-
vectively stable at the bottom of the ullage space. It is interesting to speculate
as to what would happen if the gas flowing down the sides of the tank possessed
enough momentum to pass through or "undercut" the stagnant layer and flow out
across the liquid surface,
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Such a situation would result in a flow pattern as shown in Figure 16B.
If it is assumed that the gas film from the wall becomes well mixed as it turns
the corner and flows horizontally, a laminar boundary layer of thickness 6 = 0
at y = 0 will be formed on the liquid surface. This model should result in the
maximum heat and mass transfer rates at the liquid surface if it is assumed that
an efficient diffuser is employed and that the helium does not "jet" down onto the
liquid surface,

The above model is readily analyzed by applying the relations for
flow over a flat plate, It is to be assumed that the stream velocity of the gas
over the liquid surface is equal to the average velocity of the gas flowing down
the walls, (u ) as calculated in the preceding section. Actually the area

x°=L9
for flow will tend to decrease and 6 will increase as y increases because the liquid
surface is actually circular; however, the one dimensional problem will be treated
in order to obtain maximum values of the heat and mass transfer coefficients.

Reynolds numbers must first be calculated in order to determine what
type of flow is to be expected. Using the same helium properties as in previous
computations, all values of (Re)y =q/2 are found to be less than the critical
value of 5 x 105,(29)  Thus, all'the boundary layers to be treated here may be
considered as laminar. The film thickness of such a laminar boundary layer is
given by (29).

by = (36)
Re

[@))
B

ol

Using Equation (36) film thicknesses are calculated for the same six cases as
considered before; the results are given in Table 5,

TABLE 5

ULLAGE GAS BOUNDARY LAYER FLOW DOWN WALLS WITH
SWEEPING OF LIQUID SURFACE

u ips
Lot d,ft 2 ox” =Ly (Re)y /2 Oy = g/

LH, LOX LH, LOX LH, LOX
0.5 2.0 1.63 2.02 33,500 9,780  0.0252 0.047
1.0 4.0 2.32 2.85 95,200 27,400  0.0302 0.056
2.0 8.0 3.26 4,03 268,000 77,500  0.0365 0.067
10 20 7.35 9.0 1,510,000 424,000 0.0380 0.070
20 20  10.4 12,7 2,130,000 614,000  0.0320 0.059
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For other combinations of L2 and d,

(Rel ) ii (L2),
. Re, d, (L2),

of

—

/y=d/2

=

and

AN

8 5 2. 1%
e 24 [ﬁ_)z_]
5. \d L.2)

\
N/ y=d/2 2 1

The heat transfer coefficient at any position x is given by (29):

h vy 1

Nu =-—Y— = 0.332Pr°® Re (37)
X A v

ol

and the average heat transfer coefficient up to any value y by (29)

h = 2h 38
y (38)

Now the mass transfer coefficient is defined by the following equation

N, =k (P - P ) (39)
A g A1 9
where (31):

DP
k = —— (40)
g RT & pHe
m

The DP product for both the systems considered here are obtained from the
Section VI-B-3.
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In the diffusion calculations to be presented in Section VI-E, the best
check with experimental data is obtained when it is assumed that the liquid surface
is heated up until the vapor pressure of the liquid approaches the total pressure of
the system. If the vapor pressure is taken exactly as the total pressure,p,,

m

becomes infinite and the analysis breaks down. However calculations show that
Phe is not greatly affected by varying the liquid vapor pressure from 90 to 99
m

percent of the total system pressure. For illustrative purposes, let the liquid
vapor pressure be 95 percent of the total pressure or 47.5 psia. If it is assumed
that the partial pressure of the vaporized liquid in the bulk is essentially zero, then

Ple is easily calculated to be (50-2,3) / In (50/2.5) = 15.8 psia.
m

Since & is parabolic in y, an average value of & for use in Equation (40)
may be defined as:

2
6o =35 (8 (41)

ave y =d/2

Making use of the foregoing assumptions and Equations (39) - (41), mass transfer
coefficients for oxygen and hydrogen in a helium boundary layer may be computed.
These results, combined with those from Equations (37) and (38) are shown in
Table 6.

TABLE 6

SURFACE HEAT AND MASS TRANSFER WHEN BOUNDARY
LAYER FLOW SWEEPS LIQUID SURFACE

Btu > 1/‘/ 1b mole ) b\

2 ‘ 2 2 4/

L,ft d,ft ‘hre-ft °F ho \sec-ft -atm. _ sec -1t x 10
LH, T LOX LH, L.OX LH, LOX

0.5 2,0 4.44 3.12 10.x10'5 3.72x10'5 6.45 38.2
1.0 4.0 3.74 2,62 8.32 3.06 5,35 31.4
2,0 8.0 3.14 2.20 6.87 2,60 4,42 26.8
10 20 2.98 2.08 6.60 2.46 4,24 25,4
20 20 3.55 2.50 7.86 2,96 5,02 30.5

49

Avthur B 1Little, Ine.




In Table 6, Equation (39) was used to determine the mass flux at the surface from
the assumed partial pressure difference of 3.22 atm, as

W, o=k M, (3.22) (42)

Mass fluxes computed by the above method have, in many cases, been
found to be in good agreement with both molecular diffusion calculations and
experimental data, This surprising agreement will be discussed more fully in
Section VI-E, To determine h and k8 for other values of Ly and d,

1

T a4 4 ., .
h . ’_d2 (L2)l _ kg1>

1 j ,
LR / I\— !
. h,_ d, (L2)2 \kgz

D. INLET GAS FLOW DURING PRESSURIZATION AND ITS EFFECT ON
GAS MIXING

The pressurization of liquid cryogens with gas raises the problem of
what effect do inlet gas diffusers have on the mixedness or turbulence in the gas
phase. On one hand, if no turbulence results, then gas-liquid interactions can
be treated by diffusion theory, at least in the gas phase, The other extreme
occurs when large diameter inlet jets are employed and extreme turbulence is
generated. In the latter case it has been too often demonstrated that when a large
diameter jet is directed toward the liquid surface it is almost impossible to pres-
surize a liquid cryogen with its own vapor due to the high mass and heat transfer
rates between gas and liquid. Even in the case of helium pressurization, gross
mixing is not desirable as the helium is rapidly cooled and the cryogen is evapo-
rated.

Unfortunately, it is very difficult to obtain a rigorous mathematical
solution to the problem. The theoretical literature is immense @_?_) but there
are only a few reliable experimental studies for the case of interest here. Our
approach to the problem has been to present a rather simplified, but usually
satisfactory, analysis from momentum transfer theory, ('ﬂthough more exact
treatments from vorticity transfer theory are available, 33) We also limit our-
selves to the case of an axially symmetric circular turbulent jet issuing into a
large gas phase which is not in bulk motion. This case seems most applicable
to the usual diffuser design; treatment of circular laminar jets and laminar or
turbulent plane jets are available.(34)
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1. Qualitative Picture of Jet Flow

A circular jet issuing into a rest gas might be conveniently viewed as
shown below.

Gas B I

Near the inlet jet there is a core of potential flow in which the velocity
is constant and equal to the inlet jet velocity. This core ends at A but between
the inlet and A fluid sucked into the jet expands the boundaries; the dashed line
represents the limit where the axial velocity is zero. There is mixing in the zone
surrounding the potential flow core.

In region B, mixing takes place in the entire jet and the average (and
center-line) velocity decreases as the jet broadens. Region B is very difficult
to represent mathematically. In region C, the velocity profiles and axial gradients
tend toward an asymptotic value, In this region, the classical solution of Tollmien
appears valid.(ﬁ;’ This solution predicts that the ratio of u,, (at some radial dis-
tance r) to u, (center-line velocity) is a unique function of (r/r®) where r© is the
radial width (i.e., uz/uzh = f (r/r9),
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Also, it is very important to-note that Tollmien's solution predicts
that u is inversely proportional to z, thus, the center-line velocity damps
&
out as 1/z.* We would be satisfied to determine quantitatively what the con-
stant B would be in Equation (43),

Uy = B/z (43)

since the penetration length of the center-line velocity into the bulk fluid would

indicate, qualitatively at least, what mixing effect the jet was causing. We need

one u -z reference point to obtain the value of B, It will be shown later that B
&

is obtained from experimental data.

*This proportionality may be different for different jet types, e.g., for a turbu-
lent plane jet UZ&L o 1/z%, while for a laminar circular jet uZ & 1/z and for a

i ¢
laminar planejetu — a 1/z°. (39)
&
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2. Velocity Relationships for Jet

Let u, = velocity in axial direction

u. = velocity in radial direction

z = axial distance

= radial distance

4 = Prandtl's Mixing Length

It is assumed that there is no pressure gradient parallel to the axis of
flow thus the momentum of the jet plus gas entrained is constant, i.e., at any z
o)

21 J uz r dr = const = ZTTEi“ (44)
)

o) .
where r is the outer boundary of u, = 0 and E; is a constant.

At a point sufficiently far from the jet that the gradients have stabilized,
then the equations of continuity and momentum may be combined to give,

3 u 3 u 1 3 9 ) uZ2
Y2 T3z U Sy TSt -(l/r)(ar (45)
This equation may be solved 33) to yield:
ao 1
- _9 3
u = — f(w/b%) (46)

n= (r/z°), a = const, &2 = bz

It can be shown that u @ 1/z and 4 o r° 0.z and the boundary conditions give

&
u, = 0 atr = r° so: (47)
1 .
/7 = 3.4b° (48)
thus ao o
uz = -E-- f (3.4 I‘/l‘) (49)
and
u, a 1/z (50)
i ,
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3. Development of Quantitative Information on Decay in Jet Center-Line
Velocity

The development of Equation (49) shows that at reasonable distances
downstream from the jet inlet (i.e., in Region C) that the axial velocity depends
only on 1/z and r/r®, where r© oz, Suppose that the maximum velocity, u, at
the center-line, is desired, then (uz)t= a,/z and this is the same relation as

Equation (43). To get B or a,, we need experimental data or an analysis of the
region near the jet inlet. Both are provided by Kuethe (36) In essence, Kuethe
studied the velocity profiles in a small air jet at distances near the jet inlet.
His theory is only approximate but appears to yield consistent checks with ex-
periment once a single empirical constant was determined.

The work of Kuethe has shown that the net center-line velocity, in
Region C, is inversely proportional to the number of jet diameters from the jet

discharge. Therefore, the ratio (uz/ uzo) & = Constant/ND where ND is the

number of jet diameters. On log-log paper the relationship plate  a straight
line with a slope of -1,

Data obtained by Kuethe in the transition region B provides a means of
connecting the potential flow region, in which the center-line velocity is constant,
with region C in which the slope of the center-line velocity as a function number
of jet diameters is known. Kuethe's data indicates that the potential core region
ends at about 1,76 jet diameters, At about 9 jet diameters, the experimental
curve of center-line velocity against jet diameters, when plotted on log-log paper
is approximately tangent to the -1 slope predicted by theory. The experimental
point at 9 jet diameters can, therefore, serve as an anchor point for the theo-
retical slope of -1 which is valid for Region C, Evaluating the proportionality
constant at this experimental point where uy = 9 and (ug/ uZO)L = 7.6, there

results the following relationship for region C.

(uz/uz) = 6.85/ND
ok

Figure 17 was drawn utilizing all the available information and Kuethe's experi-
mental data. Only the center-line velocity is shown as a fraction of the inlet
velocity. The axial distance is measured in jet diameters. For example, if the
inlet hole of a jet diffuser were 0.01-inch, then Figure 17 would predict that to
decrease the center-line axial velocity to 1 percent of the inlet velocity, some
800 diameters or 8-inch would be required.
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4, Momentum Model for Predicting Center-Line Velocity in Region C

Probably Figure 17 should be interpreted only as an approximation since
we are assuming that Kuethe's empirical constants are generally applicable, One
confirmation that this treatment might be general, is the fact that with the same
constant one can show that the value of (dr®/dz) from Kueth's data agrees closely
with unrelated experiments quoted by Schlicting@ﬁ) Also, it is interesting to
note that the relationship shown in Figure 17 may be obtained in yet another way.
Making use of the fact that the momentum of the jet is conserved, one may write
Equation (44) as:

o)
P J ui . dr2 = 1m (51)
where p = fluid density
u, = velocity in the axial direction at some value r,z
r = radius
m = momentum flux

The limit o-oo indicates the integration is to be carried out over the entire width
of the jet, To eliminate the integral, define a profile shape factor,

o8]

K, = [ ) s’ (52)
o [

where r* = radius where the velocity is 0.5 the center-line velocity. The value
of such a definition lies in the fact that turbulent jets are "self-preserving,"”,i.e.,
they maintain their generalized profile over the entire jet length. Thus K,is a
constant for all turbulent, circular jets and a value of 0.78 is generally accepted (B7)
Combining Equations (51) and (52),

2,2 _ . (53)
&

ﬂszuz

It may also be shown that for such jets:

r* = ¢ (54)
where ¢ is a non-dimensional constant and for circular turbulent jets =0.085(7)

Combining Equations (53) with (54):

2 2 2 .
WK2 ) u cz z? = m = constant (55)

&
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Note that Equation (55) predicts uzhon 1/z as found previously., To obtain a value

of m consider the jet inlet. Assume that the velocity of the jet is about u”,
independent of the radius across the jet nozzle, then with the radius of the
jet = r*, Equation (51) yields:

r
. 2 2
m= Tp fu' dr2=ﬂpr‘2u0 (56)
o)
From Equation (553),
u
2, T’ e T~ e 1,13 ¢~
o T YUKy S 0085, 1/-787 0.085 z

now let z be expressed as ND, the number of jet diameters, i.e.:

z= ZN_t° (57)

then:

— = 6.8/Nj (58)

Equation (58) indicates that the fractional decrease in center-line velocity is
given by 6.8/Npy, an equation very close to that plotted in Figure 17.

Note that the properties of the fluid are unimportant in this case where
the inlet and rest gas are the same. The mixing and velocity-damping are
governed almost completely by eddy viscosities rather than intrinsic viscosities
and thus the turbulence phenomena are of extreme importance.

Finally, no mention of the values of u, other than at the center-line
was made, If u, is known, Schlicting(ﬁ) presents equations to obtain u at
&
other values of r. The u, value is of the greatest interest as it indicates the
&
maximum mixing effect at any value of z.
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5. Practical Significance in Terms of Ullage Gas Mixing

The studies presented above indicate at downstream distances greater
than about 7 jet diameters, the center-line velocity of a gas jet discharging into
a stagnant gas decays inversely proportional to axial distance. This analysis by
no means defines the total problem connected with the diffuser impingement,
since it does not treat effects such as interference between adjacent jets and the
influence of deflecting the stream with baffles. Such considerations may be very
important but they are generally specific to particular designs and their general
treatment would result in an extremely complex analysis. The single jet analysis
does allow us to arrive at some very general conclusions with respect to diffuser
jet impingement.

First of all, it appears obvious that the inlet pipe should never be
directly toward the liquid surface. For almost any reasonable inlet pipe size
and velocity, the velocity decay of a single jet is much too slow to decelerate
the flow before it reaches the liquid surface. Therefore, it appears that it is
always advisable to direct the inlet gas against a baffle plate of some type.
Should conditions require that the entry flow be pointed toward the liquid, then
the diffuser flow should be split up into a number of small jets. Also, the diffuser
should be designed that, insofar as practical, the inlet flow is evenly distributed
over the tank cross-section area,

In order to obtain some specific values of jet surface velocities using
the single jet analysis, we have considered the case of a 6-inch inlet pipe with
a flow velocity of 100 ft per second discharging against a baffle plate positioned
at 1, 2, or 5 inches in front of the inlet of the pipe. We have considered both a
simple baffle arrangement, in which the side-wise flow discharge is unimpeded
(and in which we consider the baffle separation distance to approximate the jet
diameter), and also a porous pipe arrangement in which the side-wise flow passes
through a screen having a 50 percent open area and a pore diameter of .01 inch,
We have considered a distance of 10 inches between discharge and liquid surface
to be typical of initial pressurization, and a distance of 100 inches to be typical
for transfer. The resulting velocities approaching the liquid surface are tabulated
in Table 7.

TABLE 7

ESTIMATES OF DIFFUSER JET VELOCITIES
APPROACHING LIQUID SURFACE

Velocity Approaching Surface ft/sec

Opening Baffle Separation Initial Pressurization Expulsion
(inches)
Free 1 102 7
2 75 9
5 30 7
Screen, 50% Open 1 2.4 .3
and .01 in.pores 2 1.2 15
S .48 .06
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The surface velocities tabulated above are rough approximations. The
neglect of the velocity loss which will be associated with turning the flow from a
horizontal to a vertical direction results in the calculated surface velocity, being
higher than the actual velocity. However, these numbers do give a rough indica-
tion of the range of velocities approaching the surface. We would generally expect
jet velocity velocities substantially in excess of about a tenth-of-a-foot-per-second
to be high enough to cause substantial mixing. The valueof .1 -foot-per-second
is chosen as being typical of the average gas velocity which might exist if the
pressure and gas flow were distributed uniformly throughout the total tank cross-
section area--and is roughly comparable to the liquid level velocities which
might be expected during transfer. Using a jet velocity of a tenth-of-a-foot-per-
second as a criterion for mixing, we would expect that substantial mixing would
occur during initial pressurization even with careful diffuser design. During
expulsion it would appear that mixing might be minimized by careful diffuser
design, but unless care is taken to minimize diffuser jet velocities, mixing might
also be a problem during expulsion. As a general rule of thumb, we feel it may
be reasonable to adopt the philosophy that during initial pressurization complete
mixing will occur in the ullage. However, during expulsion, mixing due to jet
impingement will be unimportant,

E. EXPERIMENTAL DATA ON INTERFACIAL MASS TRANSFER

Despite the great number of experimental investigations in this area,
very little reliable experimental data on interfacial mass transfer is available,
Most data have been obtained by measuring the variation in the mass of ullage
gas with time; thus, the amount of evaporated liquid is found by taking the differ-
ence between two large numbers. Any small errors in measuring the mass of
the gas in the ullage are reflected as large errors in the final result,

Nein and Head@-) have provided one of the very few sets of data which
may be used in evaluating the applicability of the molecular diffusion model.
Their data were obtained from tests using helium at 50 psia and 460°R to pressur-
ize a tank containing liquid nitrogen originally at one atmosphere; the results are
reported as rate of evaporation versus time.

It is instructive to compare the experimental results of Nein and Head
with the diffusion and convection analyses presented in this section of the report.
First of all, the diffusion calculation is carried out in a manner analogous to
that used in Section VI-B-4. Computations have been made for the same four
cases as in previous work, but using the experimental conditions of Nein and Head.
The results are presented in Table 8,
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TABLE 8

NUMERICAL CALCULATION OF DIFFUSION RATES FOR
NEIN AND HEAD EXPERIMENTAL CONDITIONS
(GHe/LNZ, P = 50 psia, Ti = 460°R)

b 2 4
Case o oo Cr—% cm A for
No. on ono _?__ To’ R TAVE’ R Tft3 D, sec 8 =30 sec
Tand III 1.0 0 ~3.3 161 236 0.0198 0.0513 25 x10 4 1B
ft -sec
11 0.294 0 0.185 140 220 0.0212 0.0455 1.4x10°%
-4

Nein and Head report rates of evaporation in the range 25-35 x 10
1b/sec—ft2 for the indicated conditions. This would seem to indicate that Cases I
and III provide a fair model of the true situation, but that Case II is not very
realistic.

Figure 11 may be used to estimate the penetration of the nitrogen into
the ull . Th 1 f © .. is the dist h i
e ullage space e value of Xy, _ ' s is the distance w. ereyA_y is

Ao
only 5 percent of (y ) thus, this distance should be an excellent measure

of the extent to Whl(‘:t}l the vaporlzmg cryogen has penetrated the ullage space.
Thus, the penetration distance for Y = 0.05 at 30 sec in Case I is given by:

3.5 »/ 4(0.0513) (30) = 8.7 cm

X = =~
0.05 3.4 inches

Y

This result is compatible with the assumption that the penetration of the diffusing
component is small compared to the dimensions of the ullage.

Similarly, Equation (42) may be used to estimate the rate of mass

“transfer at the surface of a helium-pressurized nitrogen tank due to the convective

flow of gas over the surface. For the system of Nem and Head, Equation (42)
predicts a convective mass transfer rate of 35 x 10~ lb/sec ft2

Mass transfer rates computed by this method are comparable to
molecular diffusion rates for short time periods and, for the specific case of
the Nein and Head test condition at 30 seconds, agreed fairly closely with both
experimental data and molecular diffusion calculations. For longer time periods,
mass transfer computed by the convective technique would be larger than that
predicted by molecular diffusion.
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Our conclusion from this investigation is that molecular diffusion is
probably the predominant mode of the interfacial mass transfer. Even whenusing
the most favorable assumptions, mass transfer due to convection does not appear
to be substantially greater than that due to molecular diffusion.

F. INTERPRETATION OF RESULTS

Studies conducted in this section indicate that molecular diffusion ap-
pears to be a useful analytical tool for calculating interfacial mass transfer.
Surface convective effects due to natural circulation of the ullage gas adjacent to
the cold tankwalls indicate that, as a maximum, the mass transfer by this mechan-
ism will probably not be substantially above molecular diffusion and the fluids
mechanics associated with this convection are really not well enough defined to
permit a really quantitative evaluation of convective mass transfer., Unfortunately,
we do not have sufficient experimental data to verify our estimates as to the rela-
tive importance of molecular diffusion and natural circulation, However, in one
instance, experimental results were in approximate agreement with the diffusion
quantity predicted either by molecular diffusion or by surface convection.

Convective effects due to diffuser jet impingements are strongly depend-
ent on the particular diffuser flow rate and ullage geometry under consideration.
However, for a "reasonably well-designed diffuser,” fairly remote from the liquid
surface, we should expect jet impingement effects to be unimportant, On the
other hand, we would expect that when the diffuser is close to the surface, as is
the case in initial pressurization, it would be difficult to avoid almost complete
mixing of the ullage gas.

Based on our present knowledge, it appears that molecular diffusion
offers the best method for calculating propellant evaporation for transfer and
pressurized hold--i.e., cases in which the liquid is remote from the diffuser or
the diffuser flow is either zero or very small. However, during initial pressur-
ization, we would expect that molecular diffusion considerations are unimportant
in that the ullage gas would be almost perfectly mixed by the eddies associated
with the inflow pressurant gas.

Another significant facet of this work is that the propellant evaporation
quantities are very small. Equivalent diffusion lengths, i.e., thicknesses of an
equivalent layer of saturated vapor adjacent to the liquid surface, are generally
of the order of a few inches. Therefore, in cases in which total tank height is
of the order of 10 feet or more, the percentage of propellant present in the vapor
will be very small.
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Inert Gas (Helium)
at To. P

Pp = Py o Ullage f

Liquid Surface

Liquid Cryogen (Hg, Op)=
at T, P

T
FIGURE 10 PROPELLANT TANK MODEL FOR MOLECULAR DIFFUSION ANALYSIS
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D* ~ Molecular Diffusion Coefficient @ 1 Atm -~ cm /sec

1 ,/
Pra
/
H2 - He —+—
,
o
d ] L~
/ e ©2 He—-—/
A ~

~N

o
—

Notes:

1. D¥* is diffusivity at 1 atm. At other

pressures, D= D* (D/D¥*) where
D/D* = l/P(atm) = 14~7/P(psia)

2. Curves shown are calculated per
Equation (27)

0.01

3. Data shown is for Hy - He at 1 atm

Symbol Legend: Q Ref. 24
O Ref. 25
A Ref. 26

] ] | | | ) [

0 100

300

Temperature - °K

FIGURE 13

DIFFUSION COEFFICIENTS FOR HYDROGEN-HELIUM &

OXYGEN-HELIUM SYSTEMS
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L 1/,|D9 ~ Dimensionless Evaporation Quantity

r Case I & IIIP=Pp, (Surface Saturated @ Ullage Pressure)

7 Y
6
5

Note:

PAw = O
4
3 i

P=25 +— /
2
35
\
Case Il — /
. l / \
9 P~ Ullage Total Pressure =_|
/ / 40 psia
.8 /
n7 / /
6 / '
5 /
4 /‘
.2
10 20 30 40 50
PAo - Surface Saturation Pressure - psia
FIGURE 14 EFFECT OF LIQUID SURFACE SATURATION

PRESSURE AND ULLAGE PRESSURE ON DIMEN-
SIONLESS EVAPOR ATION QUANTITY
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L~ Diffusion Layer Thickness -~ Inches

20

18

16

14

12

10

Notes:
1. Liquid surface saturated at ullage pressure
(Cases I & III)
2. P Ao = P =2 Atm
3. Ljrepresents the diffusion evaporation quantity in
terms of the thickness of an equivalent layer of
B saturated vapor on the liquid surface. T
Oxygen ——-
/ /%ydrogQ
//
0 2 4 6 8 10 12

Time~ Minutes

FIGURE 15 DIFFUSION LAYER THICKNESS FOR TYPICAL
PROPELLANT SYSTEMS
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Helium @ Ti
B | . - l_-_“
[ ’l Cold Wall @ Tg,,

! Bulk Gas @ Tyye !
L \ " Laminar Gas Film
LR = B
T Stagnant Gas Layer
/////////////////
Liquid @ Tyjq

A. Basic Model Showing Downflow at Wall Resulting in Stagnant
Surface Gas Layer

Gas Film Flowing Down Wall
Tank Wall — |

I L.aminar Boundary
\\__ ,,.,-T f Layer Formed on

Liquid Surface
\\ NN \\\\\\\\

B. Alternate Model Illustrating Induced Flow Parallel to Surface

FIGURE 16 ULLAGE GAS FREE CONVECTION MODELS
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VII. ESTIMATION OF LIQUID SURFACE TEMPERATURES
AND FREE-BOILING EVAPORATION

A. GENERAL APPROACH

The molecular diffusion studies of the previous section have shown
that liquid surface temperature is perhaps the major factor influencing the mo-
lecular diffusion process. In addition, the liquid surface temperatures and
gradients in the vicinity of the surface may be extremely important in situations
in which free-boiling is possible. In the general case liquid surface tempera-
ture will be the result of both the gas-liquid-surface interactions and the amount
and distribution of external heat input to the liquid phase. We feel that in many
cases the liquids surface temperature and gradients in the vicinity of the liquid
surface can be calculated by methods which deal with the distribution of heat in-
put to the liquid phase and which neglect the effects of gas-liquid interactions at
the surface. Assuming that the surface temperature is controlled primarily by
the liquid phase is a convenient viewpoint since it allows liquid surface tempera-
tures to be calculated independent of gas-liquid interactions and also allows the
use of techniques and experimental data from both self-pressurization and ex-
ternal pressurization tests. Therefore, we have devoted a large portion of our
effort to analysis of the liquid phase. However, since there are undoubtedly
some situations in which gas-liquid interactions will influence liquid surface tem-
perature, we have devoted a portion of our analysis to a study of the liquid sur-
face temperatures which would result from interaction between the pressure gas
and the liquid.

The thermodynamic or limiting case analysis of Section V5 examined
the situation where arbitrary discrete factions of ullage gas and liquid were al-
lowed to come into equilibrium. This analysis showed that the potential existed
for the helium pressurant gas to evaporate a fairly sizable percentage of the
helium propellant and to raise the liquid hydrogen surface temperature to near
saturation. However, for the case of oxygen in which the volumetric specific
heats and latent heats are much larger the percent of propellant evaporated was
very small and the propellant liquid surface temperature did not rise substan-
tially above saturation at one atmosphere. The thermodynamic analysis did not,
of course, consider any limitation due to heat and mass transfer rates, other
than that implied by the arbitrary factions of ullage gas and liquid which were
assumed to come into equilibrium. In a section below we have re-examined the
influence the gas-liquid interactions as limited by rates for a stagnant system
in which heat transfer and mass transfer are by conduction and diffusion re-
spectively.
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A major effort has been devoted to a study of methods for predicting
the effects of heat input to the liquid phase on surface temperature. These
methods do not deal with gas-liquid reactions and may be considered to be most
closely approximated experimentally by self-pressurizations or external pres-
surizations in which the ullage volume is extremely small. However, a success-
ful solution of this type would, if necessary, be amenable to combination with
gas-liquid surface effects. In addition, this type of solution is indispensable for
indicating the onset in magnitude of free evaporation at the surface. In the de-
velopment below we have attacked this problem by techniques primarily concerned
with the boundary layer-flow at the wall of the tank and by a semi-empirical
technique incorporating transient conduction analysis.

B. SURFACE TEMPERATURES RESULTING FROM GAS-LIQUID INTER-
ACTION IN THE ABSENCE OF CONVECTION AND EXTERNAL
HEAT TRANSFER

In well-insulated cryogenic tanks, ambient heat leak may be negligible
both in terms of energy input to the contents and inducing natural convective mix-
ing. Transfer by a warm, inert, pressurant gas could be accomplished without
the injected gas producing appreciable convection in the ullage, if a highly effec-
tive diffuser were used. Under such conditions, since the system of a cold
liquid topped by a warm gas is convectively stable, the heat and mass transfer
at the liquid-gas interface would be controlled by conduction and molecular dif-
fusion. An analysis of such processes, aimed at predicting surface tempera-
tures, follows:

1. Analytical Model

We consider the one-dimensional, case of a semi-infinite cryogenic
liquid, initially at a temperature Ti oo covered by an inert, warm, semi-infin-
ite gas, initially at Tuw . At time zero, a separating partition at the interface
is removed and transient heat transfer from the gas to the liquid and mass trans-
fer (evaporation) from the liquid surface can commence. The situation is pic-
tured in Figure 18.

To make the problem tractable we will make several simplifying as-
sumptions. We will assume that all fluid properties are independent of temper-
ature and that the liquid vapor diffusing upward from the interface does not af-
fect the thermal properties of the gas. The vapor will absorb some sensible
heat from the gas; this will be accounted for by considering that the enthalpy
change to produce evaporation, is given by

Cv

= =y - 5
AH MHp S (T . - T) (59)
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i.e., on the average, evaporated liquid is heated to a temperature halfway be-
tween Ty and T,.. When considering diffusion from the surface, we will
assume the film temperature to be Tg + TuOo/Z, and the partial pressure of
fuel vapor far from the interface, Pvco , to be zero.

2. Analysis
A heat balance at the interface shows that

q, - 9, = w- AH (60)

The surface temperature, TS , establishes the boundary condition
for calculating q, from the transient heat conduction equation for a semi-infin-
ite slab of gas being cooled and ¢, from the equation for a semi-infinite slab
of liquid being warmed. Since T‘; determines the fuel vapor pressure at the
interface, p_, it also establishes the boundary condition for calculation of w
from the equation, for one-dimensional transient diffusion. Thus, TS must
vary in such a way that, as a boundary condition determining Qs 9, and w, it
produces a solution to equation 60. This, at first, seems to be an extremely
complicated mathematical problem. Fortuitously, however, we find that the
condition TS = constant, i.e., invariant with time, produces relations for Ay
qy, and w which can satisfy (60) for a particular value of Ts . The relations
for 4, 9, and w for this condition are relatively simple, and when substi-
tuted into 60 produce an equation which can be conveniently used for estimating

TS . Thus, for TS = constant, and considering the assumptions stated above,

J pu Cu u
qu - 8l (Tuoo ) Ts) (61)

p, C, k
L "LL
J———————ne (TS—T

and q. = Lm) (62)
D *
w o= ¢ - _RPT 2 (63)
v
where
. P - ono *
VT (L+erfg) pexp (¢7) = ’&ﬁ"— (64)
g

*the derivation of equations (63) and (64) was presented in Section VI above.
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and

Pg = f (Ts) (the vapor pressure relation) (65)

Substituting (61), (62), and (63) into (60) yields

C k q, C; k
iq'u__u_u(T T - __].:‘_LE(T T, ) =
e uw® s ™ 8 s Lo

P Jﬁ Cv
? RT \% [Hfg+ 2 (Tuoo'Ts)]

The time, 6, cancels out of equation (66), showing that T would not vary with
time and validating the use of relations (61), (62), and (63).

(66)

Making use of the relations

1 .
T = 5 (T, +T) (67)
_ P
WS R T (68)
u uo®
and Pa
D = Da —P'“ (69)

equation (66) becomes

Cv
p. C. k 2¢|:H +——(Tm—T)]
\/L L LL(TS_T - fg' 2 ‘u s (70)

P D P Le
a a R, (Tuoo+Ts)

Cu ku
- R T wwDP (Tuoo ) Ts>
u - ue a a

Now for given ullage pressure, p, liquid and gas properties, and
specified Tum and TLw , equations (64), (65), and (70) can be solved simul-

taneously to find TS . We have carried out such solutions for gaseous helium
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over liquid hydrogen and liquid oxygen. The liquids were assumed initially satu-
rated at 15 psia; values for Tum = 530°R and 350°R have been considered.

The results are shown in Figures 19 and 20 as plots of Ts versus ullage pres-
sure.

3. Discussion of Results

With the analytical model considered, the surface temperature in-

stantaneously assumes some value between Tuco and TLoo , just after time zero,

and remains steady at that value. Figure 19 shows that for liquid hydrogen, the
surface temperature rises to near the saturation value corresponding to the

ullage pressure. Figure 20 shows that for LO,, the surface temperature stays
considerably below saturation and, in fact, for21ow ullage pressures, TS would

drop below T (We have not done calculations for Ts < T , but the trend

Lo’ Lo
is clear.) The latter behavior results from our assumption that PV = 0 which

apparently leads to evaporation rates large enough to depress the surface tem-
perature. In a real transfer, where the ullage volume increases, the partial
pressure of fuel vapor at some distance from the interface could be very low.
Hence, with liquid oxygen, one might find cases where the surface temperature
were lower than the bulk temperature.

The liquid hydrogen results imply that vapor-liquid interactions are
important in determining surface temperature. This result might be anticipated
from the low volumetric heat capacity and latent heat of hydrogen and is in ac-
cordance with the analysis of Section V which indicates that the helium pressur-
ant gas had the potential for bringing the liquid hydrogen surface temperature to
near saturation. Based on these results, we might assume that the liquid hydro-
gen surface temperature will always be near saturation -- and studies of the ef-
fects of ambient heat addition to the liquid will be primarily important for esti-
mating free boiling evaporation. However, as will be discussed later, it is
difficult to substantiate the conclusion from the limited amount of experimental
data available.

The results for liquid oxygen indicate the surface temperature will
be relatively unaffected by liquid-gas reactions. This result is also in accord-
ance with the thermodynamic analysis of Section V. In liquid oxygen propellant
tanks, we should expect the surface temperature to be primarily controlled by
the amount and distribution of heat entering the liquid through the tank walls.
This viewpoint allows the use of techniques of calculating liquid surface tempera-
tures which are based on liquid convective and conduction effects and which do
not deal with liquid-vapor interactions.
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C. BOUNDARY LAYER CONSIDERATIONS

Fluid flow patterns in the liquid phase would be expected to have a
strong effect on the distribution on ambient heat leak and the resulting tempera-
ture patterns in the liquid. In particular, the boundary layer flow along the tank
walls which tends to deposit warm fluid at the liquid surface, might be expected
to be a major factor in liquid temperature stratification. As an indication of the
importance of this side wall boundary layer flow, we have computed the boundary
layer flow rates and the volume of the surface thermal layer resulting from side
wall boundary layer flow. In conjunction with this basic information, several
techniques have been used to estimate liquid surface temperature.

1. Fluid Flow Patterns in the Liquid Phase

In a tank subjected to wall heating, an upward boundary layer flow
exists along the tank walls as shown in Figure 21A. If we consider the tank
liquid to be initially quiescent, i.e., no bulk convective patterns, we would ex-
pect all the heat input to the tank to be intercepted by the boundary layer and
conveyed to the liquid surface. For this situation boundary layer theory spe-
cifically predicts that no heat passes through the boundary layer, and since the
layer formed in the top of the tank is convectively stable, we should expect con-
duction and the gradual growth of the thermal layer to be the only means for
conveying heat into the bulk of the liquid. Experiments conducted by NASA (38)
tend to support the contention that, if the liquid is initially quiescent, boundary
layer flow is confined to reach in close to the walls of the tank and does not mix
with the bulk liquid. Small scale water experiments recently conducted at M.I1.T.
also indicate a nonmixing boundary layer.

Two factors which tend to modify the quiescent bulk liquid model men-
tioned above, are bottom heating and bulk convective currents resulting from
free boiling at the liquid surface as indicated in Figure 22B and C. The NASA
work reported in reference 38 indicates that bottom heating tends to cause a
cellular column flow in the tank which effectively mixes the bulk liquid so that
the bottom heat flux is uniformly distributed throughout the tank.

The role of bulk convective patterns caused by free boiling during
prior tank venting is not well defined. However, it may be an important factor
influencing formation of liquid temperature gradients. In a freely boiling vented
tank the rising boundary layer fluid is cooled at the surface by evaporation.
Cooled liquid rapidly sinks back into the bulk fluid resulting in a vigorous circu-
lation pattern. Experience with such freely vented tanks has shown that a very
prominent convection current exists. Under these conditions, it has been noted
that a convectively unstable temperature pattern exists in which the temperature
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increases with distance below the liquid surface. Since the free boiling convec-
tive loop and the associated reverse stratification pattern is essentially driven
by the external heat input, we might expect the degree of "reverse stratification”
to increase with increasing heat input and to approach saturation at local hydro-
static head as a limit. Some preliminary studies of test data obtained in prior
programs, have indicated to us that such a relationship may be valid, although
the data has not been complete enough to be conclusive. Since the viscosity of
cryogenic liquids is extremely low, the circulation patterns set up during free
boiling in a vented tank may persist for a substantial period after the vent is
closed. Presumably this situation would be most acute in large tanks in which
viscous damping due to wall shear would be a minimum. Unfortunately, the dis-
cussion of bulk circulation patterns set up during free boiling must remain quali-
tative in that we are unaware of any experimental evidence to define the magni-
tude of this effect.

In summary, the actual fluid mechanics in the liquid phase of a heated
cryogenic tank are extremely complex. However, because of its relative sim-
plicity, the simple boundary layer flow model which might be typical of wall heat-
ing in initially quiescent liquid, merits further consideration.

2. Calculation of Wall Bounday Layer Flow and
Growth of Thermal Layer

As a first step in boundary layer analysis, it is necessary to ascertain
if the boundary flow is primarily laminar or turbulent. The transition from
laminar to turbulent flow in a convective boundary layer is generally found to oc-
cur when the Grashoef number exceeds 10%. Base values of the Grashoef num-
ber applicable to heights of one foot and a wall liquid temperature differential of
one degree Rankine are 2.5 x 1010 for oxygen saturated at one atmosphere; and
5.2 x 1010 for hydrogen saturated at one atmosphere. It should be noted that
increased saturation pressure increases the base value of the Grashoef number.
Secondly, to account for actual tank height and AT the base value shown should
be multiplied by the factor L3AT, where L represents the tank height in feet
and AT is expressed in degrees Rankine. Therefore, the results indicate that
for liquid oxygen and liquid hydrogen propellant tanks in which the height is sub-
stantially greater than one foot and in which, even for low heat leaks we should
expect the wall liquid AT to be in order of one degree or greater, we should
certainly expect a turbulent boundary layer. However, as a matter of interest,
it might be noted that the base value of Grashoef number for water at 540R is
3.5 x 107. Therefore, for small tank water tests with a low wall-liquid AT, a
laminar boundary layer might be a possibility.
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Boundary flow can be calculated from an energy balance on the bound-
ary layer making use of empirical temperature and velocity profiles given in
References (14) and (39). A convenient relationship for boundary flow which is
developed in Reference (14) is the following:

4hA
R ER e (71)
L7L
Where Q ~ volumetric flow

o
2

heat transfer coefficient
A ~ tank area

CL ~ liquid specific heat

p L~ liquid density
If we note that the tank area may be written in terms of tank volume (V) and
tank diameter (d) as A = 4V/d, then equation (71) may be rewritten as:

16 hV
R 7o (72)
L'L

Equation (72) may be interpreted in two ways for computing boundary layer flow- -
and the integrated quantity of liquid passing thru the boundary layer. First, we
consider Q to be the total boundary layer flow and consider that this flow is con-
stant with time. This viewpoint assumes that the fluid flowing up the walls of the
tank disperses and causes no inference with the wall boundary layer. In this
case the volume V in equation (72) is interpreted as total tank volume.

Secondly, we may consider Q to represent the boundary layer flow
feeding a stagnant thermal layer on top of the tank which has accumulated due to
subsequent boundary layer flow. In this case, the volume V in equation (72) is
total tank volume minus the integrated boundary layer flow -- and the boundary
layer flow feeding the thermal layer densities as the tank volume (and area)
below the thermal layer decreases. It should be noted that for either case the
initial boundary layer flow is the same.

a. Constant Boundary Layer Flow

If we assume the boundary layer flow to be constant at its initial value
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or Qo/Vo ) C.p.d (73)

The total integrated volume passing thru the boundary layer (VT) is
now merely equal to the product QOG , where 6 is time. Or in ratio form:

QO
vy =(2) e (74)

b. Time Dependent Boundary Layer Flow

If we interpret Q to be the boundary layer flow feeding a thermal layer
on the surface of volume V., which has resulted from subsequent boundary layer
flow, then, noting from equations (71) and (72) that Q is proportional to area and
volume below the thermal layer:

Q

Q . ° .
v v (1 VH/VO) (73a)
o 0
Noting that Q = dV_,/d8, equation (73a) may be integrated to determine the vol-
ume of the thermal  layer
-(Q/V,) 8
V./V = 1l-e (74a)

. . . 16 . .
It is evident from the above equations that Qo/Vo = a—éld— is a time constant

L'L
which determines the rate of tank volume "turnover" thru the boundary layer.
If we assume constant boundary layer flow, the turnover volume is directly pro-
portional to time --and the ratio V/V is numerically equal to QO/VOB as

shown in Equation (74). However, if we consider that the boundary layer feeds

a thermal layer on the surface whose growth reduces the subsequent boundarv
layer flow, the turnover volume ratio VH/Vo is related to (Qgy/Vo) 6 by the ex-
ponential relationship of equation (74-A). For small values of (Qy,/V,)8, the two
results are similar since in either case, the turnover volume ratio is small and
boundary layer flow is essentially equal to the initial flow. However, as(Qo/Vy)8
approaches and exceeds unity, the solutions diverge, since, the the thermal layer
concept, Vy/V, can only approach unity as asymptote. Typical results are illus-
trated in Table 9 and Figure 22.
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TABLE 9

BOUNDARY LAYER TURNOVER VOLUME RATIO

[F2 0 R
OO U

Turnover Volume Ratio

VT/VO

Q=Q)

0

gl N
o O O Ut

VH /VO

Q=Q (1-Vy/V,)

0

.182
.394
.632
. 865
.993

A word of discussion should be devoted to the wall heat transfer
mechanism. The development of reference (14) is specifically derived free

convection temperature velocity profiles.

For this case, free convective heat

transfer correlations such as that suggested in references (14) and (40) are valid.
If the heat flux is high enough to cause boiling, we should expect some variations
in velocity profile. However, lacking any simple alternative we have assumed
that the general methods are adequate if we use the heat transfer coefficients
applicable to boiling. Typical heat transfer coefficients for hydrogen and oxy-
gen are tabulated in Table 10 below.

TABLE 10

WALL HEAT TRANSFER COEFFICIENTS FOR FREE CONVECTION AND

NUCLEATE BOILING WALL HEAT TRANSFER COEFFICIENTS

Heat Flux

(Btu/hr ftz)

100
500
1000
5000

(Btu/hr ft °F)

Hydrogen

Conv. Boiling

48.2 --

72.1 77

85.6 147
78

Oxygen
Conv. Boiling

82.8 --
98.5 --
147.3 195
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In Table 10, free convection coefficients were calculated from rela-
tionship in references (14) and (40) . Nucleate boiling was assumed to occur

when the wall temperature indicated by natural convection exceeded saturation
temperature. In computing wall temperatures with natural convection heat
transfer coefficients, it was assumed that the bulk liquid temperature was equal
to saturation at 1 atmosphere. The mean liquid saturation temperature was
taken to be saturation at an ullage pressure of 35 psia plus a hydrostatic head of
20' of liquid. In the nucleate boiling regime, the correlations of reference (41)
were used to determine the temperature difference between wall and saturation
as a function of q/A. Next a heat transfer coefficient applicable to nucleate
boiling could be computed as q/A divided by the temperature difference between
wall and bulk liquid.

The heat transfer coefficient data of Table 10, together with fluid
properties and tank diameter allow for the calculation of the value turnover time
constant Qo/Vo . Typical results for the time constant Qo/Vo are presented
below for oxygen and hydrogen for a tank diameter of 20'. In these calculations,
for generality, we have free convective coefficients. The use of nucleate boiling
would increase volumetric turnover values shown.

TABLE 11

EFFECT OF HEAT FLUX ON INITIAL VOLUMETRIC TURNOVER
DUE TO BOUNDARY LAYER FLOW

q/A Q/V  ~ Initial Boundary Layer Flow 1
(Btu/hr ftz) o' "o Total Tank Volume min
Hydrogen Oxygen
100 .0635 --
500 .0955 .0381
1000 .103 .0453
5000 -- .0687

The results of Table 11 and Figure 22 indicate that for heat flux
ratios of interest, and a time of say 10 minutes, we would expect that, for con-
stant boundary layer flow, we would expect turnover ratios of 60% to 100% for
hydrogen and 40% to 70% for oxygen. Alternately, if we assume a time variant
boundary layer flow in accordance with the thermal layer concept, the data of
Table 9 and Figure 22 would indicate the thermal layer volume ratios to be in
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the range of 40% to 60% for hydrogen and 25% to 50% for oxygen. In any event,
the turnover volume appears to be a substantial portion of tank volume.

3. Calculation of Liquid Surface Temperature from
Boundary Layer Considerations

The basic information cn boundary flow and thermal layer volume can
be used in a variety of ways, employing different physical models for calculating
liquid surface temperature.

a. The Martin Thermal Layer Concept

The Martin thermal layer concept described in reference (14) assumes
that all heat addition is absorbed by the thermal layer of volume (Vi) on the sur-
face of the tank. Therefore, the rise in surface temperature ATy can be deter-
mined by a simple energy balance on the thermal layer.

_ a8 _ g8
AT = —2 = (75)
S VP CL Vo Py, CLVy/Vy)

Noting that -5%_\7 represents the rise in bulk temperature (A TB) which
L Lo

would result if the liquid were completely mixed, equation (75) can be rewritten

as

ATpg

AT = —————- (76)
S VH/VO

The above equation merely states that the rise in surface temperature is in ex-
cess of the rise of bulk temperature by the fact that the thermal layer volume

is less than the total tank volume. Initially, when VH/VO is much less than 1.0,
the surface temperature rise is much greater than the bulk temperature rise.
However, at long times, as VH/Vo approaches 1, the bulk temperature tends

to catch up with the surface temperature. It is interesting to examine the rise
in surface temperature in the region of small times, when Vi;/V, is much less
than 1. For this purpose equation (75) is somewhat more convenient than equa-

tion (76). For small values of time, and small values of Vi/V,, we note, as
as illustrated in Table 9 that VH/VO ~ Vt/VO QO/VOG . Therefore, equa-

tion (75) may be rewritten as

| - q
AT B-—o0 = (77)
s quDLCL
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It may be noted from a steady flow energy balance on the boundary layer that

the right hand side of equation (77) may be interpreted as the average tempera-
ture rise of fluid flowing thru the boundary layer. Therefore, the thermal layer
concept predicts a finite surface temperature rise at zero time which corre-
sponds to the steady state average temperature rise of liquid flowing thru the

boundary layer. This surface temperature rise initially has only a very minor
8

V../V
)
constant at small values of time. However, as Vy/V o approaches unity, the

time dependence since, referring to equation (75), the factor is almost

rate of surface temperature rise increases and tends to fair into the bulk liquid
temperature rise as an asymptote.

b. Alternate Approaches

An alternate technique in calculating surface temperature rise is to
assume that the boundary layer is constantly re-mixed with the bulk liquid, and
that liquid surface temperature is controlled by a thin layer of hot boundary
fluid flowing across the surface. By this hypothesis, the surface temperature
rise (ATy) is the sum of the bulk liquid temperature rise (ATp) and the tem-
perature rise of the fluid flowing thru the boundary layer (ATgy).

AT = ATy + 8Tp (78)

(1) If we take the boundary layer temperature rise to be the average
temperature rise of the fluid flowing thru the boundary layer

T _ q
AT = (79)
BL QP Cp

and noting that A TB = qO/VOpLCL , equations (78) and (79) can be combined
to form:

_ 1 _ 1
A TS = A TB 1 + (—Q;S-—-— = A TB [l + ~——-——VT/VO ] (80)
8

Vo

We may note that at zero time, A TB = 0. and from equations (79) and (75) it is
apparent that the surface temperature predicted by this approach is the same
as that predicted by the Martin model. Also, for large values of dimensionless
time (Q,/Vy)8 > 1) the result appears to be asymptotic to the bulk temperature
rise as is the case for the Martin model. However, in the initial time range, it
predicts somewhat higher temperature rises.
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(2) We might also assume that the maximum boundary layer tempera-
ture is the factor of interest in controlling surface temperature. The dimen-
sionless temperature profiles for a turbulent boundary layer indicate that

AT = 4 AT . Therefore, following a development similar to that
above, equation 80 may be rewritten as:
AT = AT 1+ 4 81)
s B Vr/V, (

This solution has somewhat the same characteristics as that discussed in (1)
above except the initial surface temperature rise is high by a factor of 4.

Comparison of these solutions with experimental data and on the
transient conduction model which is discussed below is presented in Section F.

D. TRANSIENT CONDUCTION MODEL FOR COMPUTING
LIQUID TEMPERATURE GRADIENTS

Liquid temperature gradients result from the distribution of heat flux
entering the liquid as accomplished by the fluid-flow patterns and conduction
heat transfer in the propellant tank. In the previous section, methods of com-
puting liquid surface temperature based on boundary layer flow considerations
were outlined. In the development to follow, conduction heat transfer is taken
to be the primary analytical tool for computing liquid temperature gradients.

In this approach, the liquid temperature gradients due to stratification are de-
scribed in terms of transient conduction solution and an empirically determined
heat flux ratio.

1. Analytical Model

The analytical model of heat flux distribution which is used for the
analysis of stratification is shown in Figure 23. In this model, the total heat
flux entering the container (qa) is divided into two parts.

a. One portion of the heat flux, designated dg» is assumed to enter
the bulk liquid by means of conduction downward from the liquid surface.

b. The other portion of the ambient heat flux (qb) is assumed to be
uniformly distributed heat transfer to the liquid.

Although the paths of qg and qy are different, the total of both is as-
sumed to be absorbed by the bulk liquid, as an increase in internal energy.

q +aq = g = (dT /dOMLCL (82)

82

Avthur D Little, Ine.



The proposed model is exactly analogous to the case of a thin rod sub-
ject to constant uniform heating (qp) along its cylindrical surface plus a con-
stant heat source (qs) at one end. In the case of a cryogenic container qq may
be thought of as the sum of the heat which reaches the surface due to direct heat
transfer from the ullage space and heat which is conveyed to the surface by
natural convection boundary layer flow along the tank walls. The uniformly dis-
tributed heating (qb) may be thought of as the sum of bottom heating plus that
fraction of the side wall heating which is uniformly distributed within the bulk
liquid by convective currents. It is assumed that the total heat leak (qa) and
its components qg and q, are constants for a particular cryogenic container
and do not vary with time.

By assuming that qg is constant with time, it is possible to employ
transient conduction analysis to compute the time-dependent variation of the ex-
cess surface temperature (Tg - T1).  For this analysis, we consider the con-
tainer and contents (including inner vessel walls and any other equilibrating
members) to be equivalent to a finite slab having similar average properties.

A discussion of the method of analysis and the numerical evaluation of the re-
sulting expression for temperature gradients is given in Appendix B. The re-
sults are plotted in Figure 24. This plot presents nondimensional temperature
T - Ty,

"'q*'/—E“" as a function of nondimensional time (2.8/ Lg) and nondimensional
]

position (x/L). The symbols used in these terms are as follows:

TS - surface temperature -°R

TL - integrated mean liquid temperature -~ °R
qS - surface heat flux - Btu/ hrkaEZ

E - equilibrating potential - T Btu/hr - °R
oo - thermal diffusivity - pllji"L £t% /hr

8 - time hr

X - position below surface - ft

- liquid height ft
In applying this analysis to a composite system consisting of liquid, container

walls and equilibrating members, the equilibrating potential and thermal diffu-
sivity are computed as follows:

The total equilibrating potential (E) is taken as the sum of equilibrat-
ing potential of the various components. For example, for a cylindrical container
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of depth L and diameter d containing a liquid of thermal conductivity kL, and
having walls of thickness t and conductivity k., the equilibrating potential
would be:
k. A kWAW
+ = +
L EW L L (83)

eS|
|
]

where AL and AW are the cross-section areas available for heat conduction
2

for the liquid and tank walls, respectively. (AL = r/4d ; AW = mdt). The

addition of an equilibrator having a cross-sectional area Ae and conductivity

ke would increase the equilibrating potential by Ee = keAe/L'

The net thermal diffusivity is computed by summing up thermal con-
ductivities and heat capacitances with respect to area. In most cases of prac-
tical interest, the influence of the walls and other equilibrating members is felt
only as an increase in effective thermal conductivity. That is, the areas and
heat capacitances of the walls and other equilibrating members are small in
comparison with that of the liquid. Therefore, the effective thermal diffusivity
can generally be written as:

Protal

o
L EL

2]
I

(84)

It should be noted that the analytical results are strictly applicable only to one

dimensional heat transfer in a continuous medium. This restriction first of all
limits the application to those containers geometric such as a vertical cylinder
which are consistent with one dimensional heat flow. Secondly, any equilibrat-
ing members are assured to have sufficient contact with the liquid to minimize

temperature differences between the equilibrating and the adjacent liquid.

All terms required for the calculation of liquid temperature gradients
using Figure 24 can be obtained from known propellant tank geometry and oper-
ating conditions except for the surface heat flux (qg). The method of determin-
ing the surface heat flux will now be discussed.

2. Determination of Heat Flux Ratio from Correlation
of Experimental Data

Experimental data obtained in self-pressurizing tests has been used
to check the basic time-wise trend in surface temperature indicated by the
transient conduction analysis and to determine experimental values of heat flux
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ratio. Data used in this correlation included tests on tanks containing oxygen,
nitrogen, hydrogen, and helium for fairly wide range of heat leak. The detailed
discussion is presented in Appendix C. The pertinent results are summarized
below.

The first step in determining empirical heat flux ratios was to calcu-

g

T -T
s =
q /E

data. It may be noted that this term is similar in form to the dimensionless
temperature shown on Figure 24 except that the surface heat flux (q S) is re-
placed by the total heat flux (q,) and may be referred to as the experimental
excess surface temperature. Next, the experimental dimensionless excess
surface temperatures were divided by the dimensionless excess surface tem-
peratures taken from Figure 24 for comparable values of nondimensional time.
Therefore, for each test we obtain a series of values of qS/ q, representing
various nondimensionless times at which the test data was obtained. The results
of this work show that the ratio q S/ q, was essentially constant with time for a
particular test, although qs/qa for different tests at different heat inputs varied
widely. The fact that qs/qa was constant with time for a given test tends to
verify the analytical model which assumes that a constant surface heat flux gen-
erates the temperature gradients in the liquid.

late the term as a function of dimensionless time from experimental

Experimental values of the heat flux ratio for various tests are plotted
in Figure 25 as a function of heat flux per unit side wall area. This plot indi -
cates that the heat flux ratios from the various tests fall reasonably close to a
single correlation line. This correlation line appears to approach an asymptote
of 1.0 at very low values of heat flux per unit area where all the warm liquid
may be assumed to be conveyed to the surface and remain there since the con-
vective mixing currents are relatively small. However, at higher heat fluxes
the surface heat flux becomes a very small portion of the total heat flux. We
may rationalize this behavior on the basis that the convective currents in the
tank may be quite high and much of the liquid flowing through the surface through
the boundary layer may be mixed in the bulk liquid by convective currents.

One major weakness of the transient conduction model is that it de-
pends on an empirical correlation of surface heat flux data and we have been un-
able to reproduce this correlation or even fully defend the concept of a constant
surface heat flux from analytical reasoning. We have, however, been able to
justify in part the variation of heat flux ratio with heat flow per unit area. By
assuming that the surface heat flux is proportional to the flow rate in the bound-
ary layer around the tank wall, it is possible to derive a proportionality relating
heat flux ratio (qs/qa) to total heat flux per unit area (q,/mdL). This propor-
tionality, which is discussed in more detail in Appendix C predicts a slope which
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is in excellent agreement with the experimental correlation of heat flux ratios,
at all except the lowest heat fluxes (q /mdL < 5 Btu/hr ftz). This circum -
stance suggests that the correlation of heat flux ratios which at present is
purely empirical might ultimately be justified from boundary layer considera-
tions.

E. RESULTS AND COMPARISONS OF METHODS FOR
PREDICTING LIQUID TEMPERATURES

In Section C and D above we have presented two basic methods for
computing liquid temperatures. In Section C a basic boundary layer analytical
procedure with several variations for computing surface temperature was de-
veloped. In Section D a technique based on transient conduction which computes
liquid temperature gradients as well as surface temperatures was presented.
At this point, it is necessary to evaluate these methods by comparison with ex-
perimental data and select a single technique for subsequent work.

Figure 26 presents a typical application of the various methods as
compared with experimental data. In this instance the experimental data was
obtained from self-pressurization data on a liquid hydrogen tank reported in
Reference (10). Shown on this plot are curves of surface temperature rise ver-
sus time obtained from experimental data, the ADL transient conduction model,
and various modifications of the boundary layer approach for calculating liquid
surface temperature. These versions include the basic concept proposed by
Martin in which all the ambient heat input is assumed to be absorbed by a well-
mixed thermal layer at the top of the tank; an alternate concept in which the
surface temperature is taken to be the arithmetic sum of the bulk liquid temper-
ature and the average temperature rise of fluid flowing through the boundary
layer; and a second modification in which the surface temperature is taken to
be the arithmetic sum of the bulk liquid temperature plus the maximum temper -
ature rise of fluid flowing through the boundary layer. The surface temperatures
predicted by the modified approach using the average temperature rise in the
boundary layer differ very little from those predicted by the basic Martin model.
On the other hand, the surface temperatures predicted by the modified approach
using the maximum temperature rise in the boundary layer are considerably
greater than that predicted by the basic Martin thermal layer concept. All of
the boundary layer approaches, however, have the inherent characteristic of
predicting a step rise in temperature at zero time which is essentially the tem-
perature rise of fluid flowing through the boundary layer in a rather gradual in-
crease in surface temperature as time increases. Both the experimental data
and the ADL transient conduction model show a more or less continuous increase
in surface temperature with time, although the increase is more rapid near the
beginning of the self-pressurization. The trend of surface temperature rise
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predicted by the ADL transient conduction model is in very good agreement with
the experimental data. However, in this instance the absolute values are about
50% less than those indicated by experimental data. It may be noted that this
difference in absolute value results from the fact that the correlation plot was
used for establishing the heat flux ratio whereas, as shown in Figure 25, the
actual data point corresponding to this test was approximately 50% above the
correlation plot.

In Figures 27 and 28 we have compared with ADL transient conduction
model and the Martin boundary layer model for a range of heat fluxes for hydro-
gen and oxygen tanks. For clarity, we have plotted only the Martin boundary
layer solution; however, as noted above, the modified Martin boundary layer
solution assuming an average temperature rise through the boundary layer did
not differ from the Martin approach substantially and referring to Figure 26 we
may note that the modified boundary layer solution incorporating the maximum
temperature rise in the boundary layer predicts a temperature rise about four
times higher than the basic Martin solution at zero time and tends to be roughly
parallel to the Martin solution thereafter.

In general, the ADL transient conduction model predicts higher sur-
face temperature than does the Martin boundary layer model except in the re-
gion of zero time. The cross-over point beyond which the ADL solution predicts
higher temperatures varies with fluid and heat leak. It appears to be of the
order of 1 minute or less forliquid hydrogen; the liquid oxygen ''cross-over
point' appears at larger values of time and appears to be dependent upon ambi-
ent heat leak. The range is from about 2 minutes of low values of heat leak to
about 7 minutes at high values of heat leak. As previously noted, the transient
conduction model predicts a continuous increase in surface temperature with
time whereas the boundary layer approach indicates a sudden step increase at
times zero with a rather weak time dependence thereafter. In general, we feel
that the shape of the transient conduction temperature versus time curve is much
more representative of experimental data than that predicted by the boundary
layer approach. The similarity in the temperature versus time profiles between
the transient conduction model and experimental data is illustrated in Figure 26
and is also implied by the plots of qg/q, as a function of nondimensional time
presented in Appendix C. In addition, this correspondence has been noted in
many other comparisons not specifically detailed in this report. On the other
hand, the boundary layer approach has been applied with some success to data
obtained by Martin in reference (14). This situation has not been fully resolved.
However, there is evidence to sugéest that the difference may lie in the test con-
ditions. It is our understanding that the Martin tests were initiated by simulta-
neous application of the pressurant gas and initiation of heating. However, in
most of the other situations the tank was freely boiling, at design heat flux,
prior to the initiation of the test. It is felt that in the former case, the liquid
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may have been initially quiescent, in that, prior to zero time, the heat input
may have been too small to set up substantial convective currents. However,
in the latter case in which the tanks were freely boiling at the design heat flux,
substantial convective flow may have existed; moreover, it is felt that, because
of the low viscosity of cryogenic liquids, an initial convective flow pattern of
this type may persist for a substantial period of time. It is our opinion that the
freely venting situation at design heat flux is more representative of flight vehi-
cle conditions than the initial quiescent liquid situation.

Figures 27 and 28 also may be used as an indication of the rate at
which the liquid surface temperature achieves saturation. Temperature rises
corresponding to a saturation pressure of two atmospheres are indicated on
these figures. Using the ADL transient conduction model as an indication of
actual temperature rise, we see that the liquid oxygen surface temperature does
not approach saturation until over ten minutes even at the highest heat leak
(5000 Btu/hr ftg). Again, applying the transient conduction model to the case
of liquid hydrogen indicates that the saturation is achieved in little over 2 min-
utes with the higher ambient heat flux and within about 8 minutes for the lower
heat fluxes. Generalizing rather broadly, it appears that the liquid hydrogen
surface temperature is more apt to be elevated to saturation by liquid stratifica-
tion than is the case for liquid oxygen. The single most important factor, here,
is that saturation pressure is a much stronger function of temperature for liquid
hydrogen than for liquid oxygen.

In Figure 29 the temperature gradients predicted with the transient
conduction model are compared with typical experimental data for nitrogen and
hydrogen for various heat leaks and times. In general, the results are fairly
encouraging in that the transient conduction model tends to predict the gradient
in the immediate vicinity of the surface quite well. It should be noted that the
difference in absolute values of temperature can be related to the fact that the
correlation plot of Figure 25 has a tolerance of the order of +30% associated
with it. For most of the tests, the transient conduction model does not do very
well in predicting the gradient in the bulk liquid, i.e., the liquid remote from
the surface. In general, the transient conduction model indicates a much more
nearly constant temperature than in fact exists. In the instance of the hydrogen
data at low heat leak, the agreement between experimental and analytical gradi-
ents is striking. However, since the heat leak is much lower than our range of
interest we cannot, for our present purposes, consider it to be avery significant
verification of our analysis.

Based on the comparisons presented above, we feel that the ADL
transient conduction model is perhaps the most useful tool, presently at our
disposal, for calculating liquid temperature gradients resulting from liquid
stratification. This model appears to represent the time-wise variation in
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surface temperature very well and shows good agreement with the shape of the
liquid temperature gradient in the immediate vicinity of the surface. On the
other hand, the transient conduction model leaves something to be desired in
predicting the absolute value of surface temperature (a tolerance on the excess
surface temperature of +30% is generally anticipated) and the gradients pre-
dicted in the bulk liquid remote from the surface frequently are notinagreement
with the experimental data. However, on anover-all basis we feel this model is
useful for the purpose of estimating surface temperature and gradients in the
vicinity of the liquid surface.

F. FREE BOILING EVAPORATION

If the liquid surface temperature tends to exceed saturation, free
boiling at the surface may result. In certain cases of high heat leak to the tank,
the free boiling process may result in a layer of pure vapor adjacent to the
liquid surface. Hence, the free boiling mechanism might produce much more
vapor than can migrate into the pressure gas by diffusion. On the other hand,
in cases of low heat leak, the free boiling mechanism may be insignificant or
not exist at all.

We plan to use the temperature profiles generated by the transient
conduction solution as a tool for computing free boiling. The approach is as
follows:

1. Compute temperature profiles as the function of time using the
transient conduction model with no regard for whether or not surface tempera-
ture exceeds saturation temperature.

2. For those points at which the liquid surface temperature exceeds
saturation, the integrated mean temperature of the hypothetical superheated
liquid layer can be computed by constructing a plot of liquid temperature versus
height in the vicinity of the surface.

3. We next recognize that the superheated layer cannot in fact exist
and a portion of this layer must evaporate in order to reduce the temperature
of the remainder of the layer to saturation. Therefore, an energy balance is
applied to the superheated layer to determine the fraction evaporated and as a
matter of interest, the remaining quantity of liquid which exists as a saturated
layer on the liquid surface. The energy balance for computing the fraction of
the superheated layer which evaporates is as follows:

- CL (Tsh ) Tsa‘z} (85)
®sh X
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where:

€h fraction of superheated layer evaporating

CL = liquid specific heat

_sh = integrated mean temperature of superheated layer

Tsat = saturation temperature corresponding to ullage pressure
A = Jatent heat

It is felt this procedure can be best illustrated by simple example. This ex-
ample we will consider a liquid hydrogen tank having a height of 40 feet and a
diameter of 20 feet subjected to an ambient heat flux of 500 Btu/hr/ft° °F for
ten minutes. We will consider a total ullage pressure of two atmospheres,
As shown in Figure 28, the surface temperature as indicated by the transient
conduction model exceeds saturation at approximately 220 seconds or 3.7 min-
utes. At ten minutes, the surface temperature has risen to 8.4° above its in-
itial temperature, i.e., saturation at one atmosphere, whereas saturation at
two atmospheres allows ' a temperature rise of 4.7°,

Using the transient conduction solution of Figure 24 and the heat flux
correlation of Figure 25, it is possible to compute liquid temperature gradient
as a function of the distance below the liquid surface. This gradient is illus-
trated in Figure 30. From this figure, it can be easily determined that the
thickness of the saturated layer is .025 feet and the integrated mean tempera-
ture in the saturated layer is 6.6°R above saturation at one atmosphere. Using
equation (85), the fraction of the superheated layer which vaporizes can be
easily computed as

_ (4.4) (6.6 - 4.7)
sh 194

2.39

This calculation shows that only about 2% of the superheated layer evaporates
and the other 98% remains as a saturated liquid layer. It may be noted that the
superheated layer itself is only .025 feet deep or .0625% of the total full tank
liquid quantity. Therefore, the mass fraction evaporated expressed as a per-
centage of total liquid quantity is only 2.3% of .0625% or .0014%.

For better physical interpretation of free boiling evaporation, it may
be useful to compare it with the amount evaporated due to molecular diffusion.
For this purpose, it is useful to compute free boiling evaporation in quantity in
terms of the thickness of a saturated vapor layer on the liquid surface.
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First of all, the percent of total tank volume occupied by the saturated vapor
layer is merely the mass fraction evaporated multiplied by the ratio of liquid
density divided by vapor density. In this case, the volume fraction is merely
equal to .0014 (4.4/.148) or .0415%. The volume fraction for cylindrical
tank is, of course, equivalent to a height fraction; therefore, the thickness of
the vapor layer is .0415% of 40 feet or .2 inches. In this case, the estimated
free boiling evaporation quantity is much less than what we might anticipate due
to molecular diffusion. Typical results in Figure 15 indicate that we might ex-
pect equivalent thicknesses on the order of several inches for molecular diffu-
sion. Therefore, the free boiling quantity of .2 inches is, in fact, within the
accuracy limits that we might expect for the molecular diffusion calculation.

G. INTERPRETATION OF RESULTS

Our comparisons of various techniques for predicting liquid tempera-
ture gradients indicate "that a transient conduction technique utilizing an em-
pirically determined heat flux correlation is reasonably accurate for predicting
surface temperature and temperature gradients in the vicinity of the surface.
We currently believe that this is the most practical approach for calculating
liquid surface temperatures and gradients in the vicinity of the surface which
are needed for free boiling calculations.

Analysis of the adiabatic, nonconvective liquid-ullage gas system
indicates that with a liquid hydrogen propellant we would expect surface tempera-
ture to be elevated to near saturation by gas liquid interactions. On the other
hand, for liquid oxygen, we would expect gas liquid interactions to have virtu-
ally no effect on liquid surface temperature, and in the absence of external heat
leak, we would expect the liquid oxygen surface temperature to be saturated at
1 atmosphere. Calculation of surface temperature rise due to ambient heatleak
using the transient conduction model indicates that for liquid hydrogen we might
expect ambient heat leak to raise surface temperature to near saturation evenat
lower values of heat leak within a few minutes. Therefore, for liquid hydrogen,
we might generally expect the liquid surface temperature to be near saturation,
and at higher heat leaks we might expect free boiling. For liquid oxygen, on the
other hand, fairly substantial heat leaks and long times are required to bringthe
surface temperature up near saturation. Therefore, in general, we would ex-
pect the liquid oxygen surface temperature to be below saturation and that free
boiling would be a factor only at the high end of the ambient heat leak range.
Free boiling calculations performed for liquid hydrogen indicate that although
free boiling may theoretically occur quite early in the process, the liquid tem-
perature gradients are so steep in the immediate vicinity of the surface that the
free boiling evaporation quantity is very small and is, in fact, much less than
the molecular diffusion quantity for a saturated liquid surface.

91
Avthur . Little, Inc.




—

U«

GAS

LIQUID

ONE-DIMENSIONAL MODEIL OF STAGNANT GAS-LIQUID
INTERFACE

FIGURE 18

92



Temperature - °R

46

44

42

40

38

36

Saturation at Ullage Pressure ~_ /

T~
/
/

T .= 530°R g /

\ '/
A
T .= 350°R q // /

Yy

/ Calculated Surface
A Temperatures

FIGURE 19

10 - 20 30 40 50

Ullage Pressure - psia

LIQUID SURFACE TEMPERATURES - GASEOUS
HELIUM PRESSURIZED TRANSFER OF LIQUID
HYDROGEN ONE-DIMENSIONAL MODEL, NO
CONVECTION

93




Temperature - °R

188

186

182

178

174

170

166

162

Saturation at Ullage Pressure

\\/ -

FIGURE 20

- y Calculated Surface _
/ Temperatures
/ NG
/ T =530°R
uw
/ / 350°R
/

10 20 30 40 50

Ullage Pressure - psia

LIQUID SURFACE TEMPERATURES - GASEOUS
HELIUM PRESSURIZED TRANSFER OF LIQUID
OXYGEN ONE-DIMENSIONAL MODEL, NO
CONVECTION

94



paonpul MmO[J 9A1302AU0D) YN "D

SMANV.L INVTTAJOUd NI SNYALLYd MOTA dINOIT

Sunjuap 921g Aq

4/

-

Buniesyg wonog g

VYV Y e

17 3401014

pmb1T juedsaind jo Sunesy [[BM 'V

==

bdyydld

YETYITT

rrrret

95



- 1/Min

Initial Volumetric Flow
Total Tank Volume

Qo/ VO -

Integrated Flow Volume
Total Tank Volume

V/V, -

.10 7

.08

l

_/f—Hydrogen

Oxygen;/

.06 —

04 e
Note:
Calculated results for free
convection wall heat transfer
.02 per Table 11. (d = 20')
0 | |
0 1000 3000 5000
g/ndL ~ Btu/Hr th
VT/ V_(Constant Boundary
3 4 Layer Flow
Q=1Q,)
2
1 E——
/t\ Vy/V, (Time Dependent Boundary
Layer Flow Q = Qu(1-Wy / V)
0 | ] |
0 1 2 3 4 5

(Qy/ Vp) © - Initial Flow Parameter

FIGURE 22

BOUNDARY LAYER FLOW RATE AND

INTEGRATED FLOW VOLUME

96




o

:i—q

S S S S W

T
FIGURE 23 TR ANSIENT CONDUCTION MODEL OF PROPELLANT TANK LIQUID

97




(0'T > 7z 1/60 > g_0T I0J SON[BA SATIISOJ JUED]]
-1u81g) ONLLYHH HDV A¥NS INV.ILSNOD HLIM 9V IS ALINIA

V NI SHTI40¥d HUNLYVIYTJNAL NOLLDNANOD INHISNV YL ¥Z ¥NOI4
SwIl], SSo[uoIsuUsWIK] - Nd\od
01 T° z-0T e-01 #-0T g-0T 9-0T £-01 g-01
/
moo\
\ N. OO
\ A | oo ) vd
Y ¢00° A
S00° A e
408 7
— 10° o
/ / d \\\\\“ Z
\mo. 4 7 \\\\\\\
/ A
A1 e
V4 4 >
\N A =
T Y A LA -
P / \ Mz ~
\\ A 4 d \\\‘
4 y4 A
p4 \\ o
77
- P \\\ 0 = UOTIISOJ SSOTUOISUBWIT ~ "T/X
\\\\‘
=

¥

o

[4

.01

[
<
—

-0t

q/5bh
1‘1‘ - L

a.InJP.ladLUa_L SS§30X] ssajuorsuawlg -

98



SOLLVY XN'Td LVHH TYINHNIYHEdXH A0 NOLLY THY Y00 ST HYNDIA
i

(-7 /mag)) B2V 10N 12 XNLA IESH - TP 1/%b

0001 00T 01 0°T T
N
A R
AN
N
97814 03 8uy N
-puodsaxio)
Jutod e1e(-] ‘
AN
N
.
N | @
N
N
//
4’"
R

100°

10°

0'1

opyey xniq 189K - °h/5b

99



1_\Iotes:

d = 3.33ft
L=65f1t
Fluid: LHy

qa/rdL = 86.4 Bru/Hr Ft°

Experimental Data Per
// Reference (2)

Surface Temperature Rise ~ °R

o
/ Transient Conduction
/
Sz _/Model
”
/ -
/ 7~
y ,/’ yModified Boundary Layer
/ _////'/ Model (Max, Temp.)
= 7 Pid Modified Boundary Layer
/ i »Model (Ave] Temp.)
/ /
7/ “Martin Boundary Layer
{ Model
0 |
100 200 300

Time - Seconds

FIGURE 26 COMPARISON OF EXPERIMENTAL SURFACE
TEMPERATURE INCREASE WITH ANALYTICAL
RESULTS

100



Surface Temperature Rise - °R

Notes:
16 - q
d = 20 Fr _a =5000_§t_9_,____,
3 ndL, Hr-Ft? /
L. = 40 Ft
Fluid: LO9 /
ADL Transient Conduction Model - Broken Line /
14 Martin Boundary Layer Model - Solid Line
Saturation
y4 /@ 2 Atm
—-- R R " e Ea = =
V4
12 /
5000
10
8
/
; ~1000
/ ’/ =
/ -
> 500
4 v =
/ = —
/ / i 1000
AL =
# 500
0 y |
0 200 400 600 800 1000
Time - Seconds
FIGURE 27 LIQUID OXYGEN SURFACE TEMPERATURE

INCREASE PREDICTED BY ANALYTICAL
MODEL




Surface Temperature Rise - °R

16

14

12

10

Notes:

RS, a Btu
o o ey
Fluid = LHy /
ADL Transient Con- /
duction Model - 7
Broken Line /

Martin Boundary )
Layer Model - Solid /
Line /
/ 500/
J/ /
/
-
/ ”
2
7
Saturation / / 1%
@2 Atm / ‘/ —
L4
/ /7 ~ 1000

100

FIGURE 28

200 400

600

Time - Seconds

800

LIQUID HYDROGEN SURFACE TEMPERATURE

INCREASE PREDICTED BY ANALYTICAL MODELS

102

1000



Liquid Height ~Inches

L] -

Liquid Height -~ Inches

7 = e A
/"#
77 r L &
76 g—- Experimental
i

{
75 1

!

i
74

73

72
70
60

50

40
30
20

LHy/Lockheed (10)
Qa/mdL = 85 Btu/Hr-Ft?
8 = 5 Minutes

10

<-—Analytical

H

37 38 39

40 41 42 43

Liquid Temperature - °R

200

150

100

50

e

/ Aw
Experimental+j 1

I

!

é

i

!
,T LHy/NASA (13)
‘l qa/~dL = 230 Bru/Hr-Ft]
] 8 = 20 Minutes

|

! !

36 38 40 42 44

Liquid Temperature - °R

FIGURE 29

COMPARISON OF TEMPERATURE PROFILES PREDICTED BY

Liquid Height ~ Inches

Liquid Height ~Inches

? l /’)‘r
Analytical ~—-
28 yt (/ K
27 J
Experimental
26 L
i
I
25 1
1
!
[}
24 |
!
|
|
23 1
Yy
20 LNy/NACA (8)
q/mdL = 140 Btu/Hr-Ft2
I 8 = 25 Minutes
10 T
: [l
140 142 144 146 148 150
Liquid Temperature - °R
50 T
-
Experimental\ | ,a““—— "
h o
P ’/
40 >
/ t— Analytical
/,
30
20 {
LH,/NBS (9) )
qq/mdL = 3 Btu/Hr-Ft
10 8 = 48 Hours
]
0 ] ] 1
36 40 44 48 52

Liquid Temperature - °R

TR ANSIENT CONDUCTION MODEL WITH EXPERIMENTAL

RESULTS

103

Avethur D Little. In

-~
e




Distance Below Liquid Surface

.01

.02

.03

.04

Conditions:

q/mdL 500 Btu/Hr th

6 = 10 Minutes
L = 40 Ft, d = 20 Ft
LHy Propellant

Liquid Surface

/

| /
Superheated 4
Layer /' i
| < +T=6.6°R
4,7°R
0 2 4 6 8 10

Liquid Temperature Rise - °R

Portion of Superheated Layer Evaporating

CLUT - tTsat)  4.4(6.6-4.7) _, 3
N - 194 SR
FIGURE 30  USE OF TRANSIENT CONDUCTION

ANALYSIS TO ESTIMATE FREE
BOILING EVAPOR ATION

104



VIII. PROPELLANT EVAPORATION DUE TO LIQUID FILM
ON TANK WALLS

When liquids are drained from tanks, a thin liquid film adheres to the
wall. If there is heating of these exposed walls it is possible that the film may
be vaporized and contaminate the ullage pressurizing gas.

The general theory of draining films is examined and it is shown that
the average film thickness, t, neglecting surface tension, depends upon the rate
of draining (v), the liquid density, p,_ , the liquid viscosity, |, and the gravita-
tional acceleration, g. Specifically,

_ 1
t = (2/3) [(u/p) <v/g)]§ (86)

If the surface tension is taken into consideration, there is no adequate
theoretical relation but the available experimental data are correlated with two
dimensionless groups,

1
Y =7 [(p/u) (g/v)]e
X = o/uv (0 is the surface tension)
and log, , X =(0.151) / (log,, 1.5Y) + 1.44 - 5.45 log; (1.5Y) (87)

Equation (87) reduces to Equation (86) in the limit where the surface tension (and
thus X) approaches zero. Equation (87) is shown plotted in Figure 29. Over wide
variations in X the value of Y changes only slightly and approaches > 0.6 as X~ 0.
Figure 31 is discussed in detail by Van Rossum(42) The theory behind Equations
(86) and (87) is discussed in detail in Appendix D.

Equation (87) is useful to estimate film thicknesses for hydrogen, oxygen,
and nitrogen films for various draining rates. For all three materials, theaverage
thicknesses are about,the same for equal drain rates, i.e., if't is expressed in
thousands of inches, for v=0.1, 1, and 10 ft/sec thent = 0.2, 1.0 and 4.6.

Assuming the film thickness will evaporate completely, the contamin-
ation in the ullage from the evaporation may be calculated. In Appendix D, this
contamination has been computed in terms of the thickness of a saturated vapor
layer above the liquid surface. This method of presentation is chosen so that the
evaporated film results can be easily compared with the molecular diffusion re-
sults. Pertinent results are summarized in Table 12 below for a tank L/d of 2.0,
and a pressure of 2 atmospheres.
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TABLE 12

ULLAGE CONTAMINATION DUE TO EVAPORATION OF
LIQUID FILM ON TANK WALLS

Average Thickness of Equivalent Saturated
Drain Rate Film Thickness Vapor Layer on Liquid Surface (in.)
(ft/sec) (in.) Hydrogen Oxygen
1 .0002 .063 .206
1.0 .001 .286 .85

Comparing the above results with the molecular diffusion results of
Figure 15 indicates that evaporation of the liquid film on the tank walls is consid-
erably less than the diffusion anticipated from a saturated liquid surface.
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IX., FORMULATION OF ANALYTICAL MODEL FOR CALCULATING
PROPELLANT VAPOR EVAPORATION

Based on the various analytical studies presented in the preceding sec-
tions, we may present a tentative model for calculating propellant evaporation
under typical flight conditions. It should be emphasized, however, that this
model is derived completely from analytical considerations and as such contains
certain key assumptions and reasoning which cannot have a high level of confidence
prior to experimental verifications. It would be highly desirable that the assump-
tions of the analysis be verified experimentally before the tentative methods out-
lined here are actually employed for quantitative design analysis.,

A. BRIEF STATEMENT OF PERTINENT ANALYTICAL RESULTS

(1) The preceding analytical work has indicated that molecular diffusion
is probably the most reasonable analytical technique for calculating propellant
evaporation., Certain qualifications and exceptions which should be noted, are
as follows: Analytical results of a rather first-order nature indicate that ullage
natural convection circulation does not generally producemasstransfer coeffi-
cients in excess of that indicated by molecular diffusion, Since such natural
circulation convective effects are not easily calculated, it has been convenient
to neglect this mode of interfacial mass transfer, However, we have not been
able to prove from any experimental data that the natural circulation effect on
surface interfacial mass transfer is as weak as indicated by our analysis.

(2) For reasonably well-designed diffusers, remote from the liquid surface,
we feel can neglect convective effects associated with pressurant gas jet im-
pingement. However, the analysis of diffuser induced circulation currents is
sufficiently complex to make it difficult to define the restrictions of "well-defined
diffusers remote from the liquid surface" very exactly.

(3) For the specific case of initial pressurization of a small volume ullage,
we would expect the circulation currents associated with the pressurant gas inlet
flow to result in a high degree of mixing of the ullage gas and completely over-
whelm any mass transfer effects due to molecular diffusion.

The transient conduction model previously described appears useful
for computing liquid temperature resulting from external heat leak to the liquid
phase. For liquid oxygen, in which the influence of gas liquid interaction on
surface temperature, appears to be small, we would expect liquid surface tem-
perature and liquid temperature gradients to be governed entirely by external
heat leak. However, for liquid hydrogen, gas liquid interactions are much more
important and determination of liquid surface temperature must involve consid-
eration of both the contribution of external heat leak and the cooldown of the
helium pressure gas.
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B. APPLICATION OF ANALYTICAL RESULTS TO VARIOUS PHASES OF
PROPELLANT TANK PRESSURIZATION AND EXPULSION

In this section we will consider the approaches to be followed in a typical
flight sequence. Discussion will be divided into the processes of interest, namely,
initial pressurization of a small volume ullage, pressurized hold, and expulsion.

1. Initial Pressurization

Initial pressurization is typically a rapid process (generally in the order
of thirty seconds) and ullage volume involved is generally quite small (on the order
of 1 percent)., Initial pressurization generally follows a ifreely venting condition
in which the tank ullage is filled with vapor saturated at one atmosphere,

Since the ullage volume is very small and the liquid surface quite
close to the diffuser, we would expect that the pressurant gas becomes completely
mixed with the gas initially in the ullage during initial pressurization. Definition
of the quantity of propellant vapor present in the ullage after initial pressurization
is somewhat difficult. We might adopt the viewpoint that the partial pressure of
the propellant vapor is one atmosphere. This result would certainly seem
reasonable since the ullage vapor is in very good contact with the liquid surface,
which is essentially saturated at one atmosphere, In this case the quantity of
propellant vapor actually present in the ullage would be dependent on ullage tem-
perature, In order to avoid having the quantity of propellant vapor dependent on
ullage temperature, it is useful to use a second assumption as to the quantity of
vapor present in the ullage, This assumption is merely that the vapor initially
present in the ullage, prior to initial pressurization, remains in the vapor state
and that no net evaporation or condensation on the surface occurs. According to
this definition, the partial pressure and temperature for calculating propellant
density is saturation at one atmosphere., The two assumptions discussed are, of
course, equivalent for the case in which the final ullage temperature is close to
saturation at one atmosphere, which in fact would be close to the truth in many
situations. ’

2. Pressurized Hold

Propellant evaporation occurring during pressurized hold can be com-
puted by molecular diffusion methods. Boundary conditions for molecular diffusion
are initial propellant concentration in the ullage gas and the liquid surface concen-
trations. In accordance with our discussion of 1 above, we will assume that for
the pressurized hold period, propellant vapor concentration in the ullage gas is
one atmosphere. The partial pressure adjacent to the liquid surface is evaluated
using the ADL transient conduction model in conjunction with the adiabatic stag-
nant gas analysis which predicts the effect that gas liquid interactions have on
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liquid surface temperature. As previously discussed, we would expect gas liquid
interaction to have no effect on liquid oxygen surface temperature. However, in
the case of liquid hydrogen, gas liquid interaction generally brings the surface
temperature up nearly to saturation. A specific procedure to follow depends to

a large extent on the surface temperature rise indicated by transient conduction
theory. A reasonable set of rules is as follows::

a. If the liquid surface temperature predicted by transient conduction
theory does not rise substantially above the saturation of one atmosphere,

(1) For liquid oxygen, assume surface saturated at one atmosphere,

(2) For liquid hydrogen, use surface saturation indicated by stagnant
gas analysis of Section VII-B,

b. If surface temperature rises to near, but slightly less than saturation
at ullage pressure,

(1) For liquid oxygen, the appropriate surface temperature is that pre-
predicted by the transient . conduction method. However, the variation in surface
temperature during the pressurized hold process predicted by this method, does
cause some problems in that the molecular diffusion solution is specifically derived
for a constant surface temperature condition. If the variation of surface tempera-
ture is such that the molecular diffusion rate increases rapidly during the hold
period, perhaps the best procedure is to use a step-wise calculation in which the
variable temperature process is simulated by a series of finite constant surface
temperature steps. As a test as to the need of such complexity, we recommend
the following. First, compute the diffusion quantity on the basis of the mean sur-
face temperature. Second, compute the diffusion quantity based on the initial and
final surface temperature and obtain the arithmetic mean of these results. If the
difference between the "mean pressure" diffusion rate and the diffusion rate, which
is the mean of the rates corresponding initial and final pressure,is small, either
procedure can be used. If the difference is intolerable, then the step-wise cal-
culation mentioned previously is indicated.

(2) For liquid hydrogen, take the surface temperature which is the
maximum of either the stagnant gas result, or final surface temperature indicated
by transient conduction theory,

c. If surface temperature tends to exceed saturation, use saturation

for molecular diffusion calculations and in addition compute free boiling evapora-
tion using the methods of Section VII-F,
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3. Expulsion

During the expulsion process, interfacial mass transfer is again com-
puted from molecular diffusion considerations. Techniques previously mentioned
for pressurized hold, apply here with one exception. For the case of pressurized
hold, the partial pressure of the propellant vapor in the ullage space was taken
to be one atmosphere., However, during expulsion, the relatively small quantity
of propellant vapor which can possibly be contained in the small initial ullage, is
diluted greatly by the increase in ullage volume. Therefore, we feel for the ex-
pulsion process, it is reasonable to assume that the partial pressure of the propel-
lant vapor in the ullage is essentially zero.

C. TYPICAL NUMERICAL EXAMPLES

The procedures mentioned above can be most easily illustrated with
numerical examples. For calculation purposes, we will assume a vertical cylinder
tank having a diameter of 20" and a total height of 40'. We will assume that during
the initial pressurization process, the ullage volume is one percent and the tank is
very quickly pressurized to two atmospheres. We will further assume a five
minute pressurized hold period in which the ullage pressure is maintained at two
atmospheres and a five minute expulsion period with the ullage pressure remaining
constant at two atmospheres. During this total flight, we will consider the heat
leak per unit side wall area is constant, We will take a value of 500 Btu/hr ft2 as
being typical for hydrogen and a value of 1000 Btu/hr ft2 as being typical for liquid
oxygen,

In the calculations to follow as a primary unit:of measure, we will compute
the thickness of a layer of saturated propellant vapor present above the liquid sur-
face. This method of expressing the quantity vaporized is very convenient for
molecular diffusion and can be readily converted to other parameters of interest
such as the volumetric or mass percentage of propellant vapor in the ullage gas.

1. Initial Pressurization

In accordance with our previous discussion, we will assume propellant
vapor is present in the initial ullage at a density corresponding to saturation at
one atmosphere. Since the total ullage pressure is two atmospheres, the thickness
of an equivalent layer of vapor saturated at two atmospheres would be approximately
one half the height of the ullage. In this case, since the ullage volume is taken to
be one percent and the tank height 40 feet, the height of the ullage is four-tenths of
a foot and the thickness of the saturated layer of vapor is .2 feet or 2.4 inches. It
is interesting to note that by our assumptions, the result for initial pressurization
is dependent only on the ullage volume and is the same for both liquid hydrogen
and liquid oxygen.
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2. Pressurized Hold for Five Minutes

First of all, in accordance with our previous discussion, we will state
that the partial pressure of the propellant vapor in the ullage is one atmosphere.

Application of transient conduction theory to predict surface tempera-
ture for these conditions is illustrated in Figures 27and 28. Results indicate that
the liquid oxygen surface temperature rises approximately 3.4 degrees, which is
equivalent to a rise in saturation pressure of about 3.4 psi. For the case of
liquid hydrogen, transient conduction indicates that the surface temperature
rises to somewhat above saturation at two atmospheres. The stagnant gas
analysis, whose results are presented in Figures 19 and 20 indicates that liquid
oxygen surface temperature is essentially unaffected by gas liquid interactions.
However, for a pressurant temperature of 530 degrees R we might expect the
liquid hydrogen surface temperature to rise 4 degrees R or about 80 percent of
the way to saturation.

Based on the above results, we will assume that for the purpose of
molecular diffusion calculations, the hydrogen surface may be considered to be
saturated at two atmospheres and the oxygen surface saturated at a mean pres-
sure of 16 psia (in this case, the liquid oxygen surface pressure increase is so
modest that we are merely taking the mean pressure and not investigating the
diffusion quantity resulting from both the initial and final pressure).

Forliquid hydrogen, since the surface is near saturation at ullage
pressure, diffusion is limited by surface kinetics. In accordance with the studies
of Section VI and Figure 12, the dimensionless diffusion thickness is equal to 6.6,
Therefore, the thickness of the equivalent layer of saturated vapor for a 300 sec-
ond pressurized hold is as follows:

L1 = 6,6 /DB = 6.6 ,/(.007) (300) =9.56 cm =3.75 in.

For the case of liquid oxygen, the concentration driving force is cal-
culated as follows:

Yy -V P, -P
A Aoo Ao Aoo 16 - 15

= = = ,0715
P - Py 30 - 16

0

l—yA
0

In this case the dimensionless diffusion length is far less than the maximum value
tolerated by surface kinetics and is as shown in Figure 12, equal to .08. Therefore,
the thickness of the equivalent layer of saturated vapor for liquid oxygen is as follows:

L, = .08 /DB = .08 /(.05 (300) = .31 cm =.122in,
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3. Expulsion

The calculation techniques for expulsion are very similar to those used
above for pressurized hold except that the numerical results may differ due to
the fact that the partial pressure of the propellant vapor in the ullage is now
assumed to be zero rather than one atmosphere.

For the case of hydrogen, in which the liquid surface has been pre-
viously assumed to have attained saturation, the diffusional process is limited
by surface kinetics and the reduction in ullage propellant vapor concentration
does not influence the diffusion process. Therefore, we can compute the total
amount diffused for the combined pressurized hold plus expulsion process by
repeating the calculation performed for the pressurized hold and considering the
time to be 600 seconds rather than 300 seconds. The result is that the total
diffusion quantity is that computed for the pressurized hold multiplied by the
square root of two. Therefore, the thickness of the equivalent layer of saturated
vapor for the total pressurized hold plus expulsion process is 5.3 inches and the
quantity which diffuses within the expulsion process itself is 5.3 minus 3.8 or 1.5.

Since the liquid hydrogen surface temperature as indicated by transient
conduction theory tends to exceed saturation. it is necessary to investigate free
boiling evaporation. This calculation has, in fact, been performed in Section
VII-F and indicates that the thickness of the equivalent layer of saturated vapor
resulting in free boiling evaporation is only .2 inches which in this case is nearly
negligible with respect to the molecular diffusion quantity,

For the case of liquid oxygen, in which the liquid surface temperature is
less than saturation, we must again examine surface temperature history indicated
by transientconduction model. Fromthe results of Figure 27, it is apparent that the
surface temperature rise at the beginning of expulsionis 3.3 degrees R and the surface
temperature rise at the end of expulsion is 5 degrees R. For liquid oxygen, we
are not in substantial error if we consider the rise in saturation pressure to be
numerically equal to the rise in saturation temperature in this region. Therefore,
the initial saturation pressure will be approximately 18,3 psia and the final sat-
uration pressure at the surface will be approximately 20 psia. We will use this
calculation as an illustration of averaging procedure for calculating molecular
diffusion, First, let us compute the diffusion quantities based on the initial and
final saturation pressure and take the average of these quantities., For a surface
saturation pressure of 18,3 psia:

Yo Y p - P

A A AO Ay

0 (0] 18.3 - 0 18.3

= = = - :1.56
l—yAO. p —pA 30 - 18.3 11.7
and per Ly
Figure 12, —— =, 04
& VDB
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Applying a similar procedure for the case of a surface saturation pressure of
20 psia, results in L divided by the square root of DB =1.08. Therefore, the
arithmetic average diffusion quantity is (.94 + 1.08)/2 = 1.01.

Secondly, let us compute the diffusion rate based on the arithmetic
mean pressure of 19,1 psia. In this case, the dimensionless diffusion quantityis
1.00 which is almost precisely the same as the result obtained from the
average of the initial and final diffusion quantities. Therefore, a value of 1.00
may be used for calculating the equivalent diffusion thickness and

L, =(1.0)./(.05) (300) = 3.86 cm =1.52 in.
The results of these calculations are presented in Table 13 below,

TABLE 13

EQUIVALENT DIFFUSION LAYER THICKNESSES CALCULATED
FOR TYPICAL FLIGHT PROFILE

(inches) .
Regime Hydrogen Oxygen
Initial Pressurization 2.4 2.4
Pressurized Hold 3.8 .1
Expulsion 1.5 1.5
Total 7.7 4.0

It should be emphasized that the above results apply only to a specific case
incorporating certain conditions of initial ullage volume and heat leaks. However,
since these conditions are hopefully typical of flight operation, the numerical
values may have some significance, First of all, it is interesting to note that
the evaporation quantity connected with the initial pressurization is a fairly
significant number, especially in the case of liquid oxygen. As calculated,
this quantity is directly proportional to ullage volume and in the specific numer-
ical example used, the ullage volume was assumed to be one percent of the total
volume. Next, we might note that during pressurized hold and expulsion, the
total diffusion quantity for hydrogen is substantially larger than that of oxygen.
This result is due to the fact that for the specific heat leak conditions chosen,
liquid hydrogen surface temperature attains saturation quickly, whereas, the
liquid oxygen surface temperature did not rise substantially above saturation

at one atmosphere,
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The third point is that the total diffusion thickness is a very small percentage of
total ullage volume and consequently, volumetric and mass percentages of
propellant in the ullage space will be relatively small. It may be of interest at
this point to express the diffusion quantity as a percentage of total ullage gas
rather than as a saturated layer of thickness, First of all, in obtaining a
volumetric percentage, we must realize that the saturated layer is at a temper-
ature much lower than the mean ullage temperature and that if this layer were
mixed with the ullage gas, its volume would be increased by a ratio of ullage
temperature and saturation temperature. If we assume that the mean ullage
temperature is the arithmetic mean of the pressurant inlet temperature plus the
saturation temperature of the liquid, the ratio of Tullage over Tsaturation may
be written as:

T ullage _ Tinlet+ T sat _ 1 [Tinlet N l]'

T sat - 2 T sat T sat

If we assume a pressurant inlet temperature of 530 degrees R, the ratio of
ullage temperature to saturation temperature for hydrogen is 7.85; and for
oxygen, 215. At this point, the thickness of the equivalent saturated layer may
be translated into the volumetric percent of vapor in the ullage,making use of the
total tank height L and the ratio of mean ullage temperature to saturation tempera-
ture previously calculated, that is:

) 1> ( T uuage
% volume = 100 ( T

Using the above equation, the numerical value for the total volumetric percent of
hydrogen in the ullage is 12,6 percent; for oxygen, 2,58 percent,

Because of the large difference in density between hydrogen and oxygen,
a given volumetric percent results in a much larger weight percent for oxygen
than is the case for hydrogen. A plot illustrating this effect is presented in
Figure 32. Using the volumetric percentages calculated in the above paragraph,
it is apparent that the total evaporation quantity for hydrogen is approximately
7 percent of the total ullage gas on a weight basis., For the case of oxygen, the
evaporated propellant is approximately 18 percent of the total ullage gas on a
weight basis,
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X. RECOMMENDATIONS FOR FUTURE WORK

In the course of our work we have analyzed many aspects of the pro-
pellant vapor diffusion problem and have become acquainted with much of the data
on this subject available in the literature. Resuilts of this work have indicated
certain areas where analytical treatment has considerable promise and have also
pointed up many areas where experimental data is required either to resolve
specific points, to aid in understanding the physical mechanisms, or to serve as
a basis for correlations.

A mathematical model for molecular diffusion has been developed
which allows for the prediction of molecular diffusion rates and ullage gas con-
centration profiles if boundary conditions, in the form of the initial ullage con-
centration and the liquid surface temperature are known. This analysis would
be expected to be reasonably accurate even for nominal convective effects at the
liquid vapor surface. Preliminary calculations have indicated that convection
currents due to the downflow of the ullage gas along the cold tank walls are
probably not very important to the surface mass transfer. Studies of diffuser
gas impingement, although also rather qualitative, indicated that for initial pres-
surization of a small ullage, when the diffuser is close to the liquid, we would
expect near complete mixing of the ullage gas. However, during the expulsion
process, when the liquid surface is remote from the diffuser, we should expect
mixing due to diffuser velocities to be unimportant. Rather fragmentary pieces
of data obtained in our literature search tend to indicate that interfacial mass
transfer rates are roughly those predicted by molecular diffusion. However, in
most cases the experimental mass transfer rates in question were so small as
to be almost within the limits of measurement accuracy. Therefore, to date, we
have not been able to achieve a satisfactory check of the molecular diffusion model
for propellant vapor mass transfer. Further experimental work is required both
to verify the basic molecular diffusion model and to check our assumptions with
regard to ullage convective flow and diffuser impingement.

In the course of our work to date, we have devoted considerable effort
to the study of liquid temperature gradients since these gradients, and in particu-
lar, the liquid surface temperature, are very important to the mass transfer at
the liquid vapor surface. We have developed a model, based in part on transient
conduction theory and incorporating an experimental correlation of surface heat
flux ratio, which has shown some success in predicting liquid surface temperatures
and gradients in the liquid. This model has been found to be quite good in predicting
the trend of the time-wise variation of liquid surface temperature. Also, the model
appears to approximate the slope of the temperature gradient in the immediate
vicinity of the surface quite well, On the debit side, this model is not too accurate
for predicting absolute values of surface temperature. Generally, the model pre-
dicts the difference between liquid surface temperature and integrated mean liquid
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temperature to an accuracy of about + 30%. Also, although the model appears to
represent gradients in the immediate vicinity of the surface quite well, it tends
to indicate a much steeper gradient in the bulk liquid than is generally measured
experimentally. While we feel that this model is useful in at least approximating
surface temperature, we feel that additional work in terms of improving this
model or possibly adopting a more general approach, based on a more precise
definition of the physical processes involved, may be in order. To this end, we
feel that experimental studies of the nature of the flow patterns in a heated tank
and correlation of these observations with the measured liquid temperature
gradients will be invaluable,

It also should be noted that the present model implies that liquid tem-
perature gradients are solely the result of the distribution of heat input in the
liquid phase as effected by liquid boundary layer flow, bulk circulation, and
transient conduction and are independent of vapor-liquid surface reactions.
Strictly speaking, we would expect this model to be truly valid only for very
smallullage self pressurizations. Other analyses which we have performed in
the course of this program would indicate that at least for the case of liquid hydro-
gen, we would expect interaction between the ullage gas in liquid to have an
influence on liquid surface temperature. We have not been able to satisfactorily
resolve this point from the experimental data which we have been able to obtain
in the literature and feel that additional testing to establish the effects of ullage
volume and pressurant gas would be of great value.

Therefore, in summary, we feel that experimental work is indicated

to verify, or possibly modify, certain assumptions in the analytical development.
Specifically, we feel that experiments should be conducted in the following areas:

1, Adiabatic Helium Pressurization Studies

The objective of the work would be to answer the following questions:

a, For initial pressurization, are we correct in assuming that (near)
complete mixing occurs?

b. During pressurized hold and expulsion, are evaporation quantities
and concentration gradients compatible with molecular diffusion? -- or

c. Are ullage natural convection circulation and, in the case of
expulsion diffuser, jet velocities responsible for significant surface convection?

d. Is surface temperature response to gas-liquid interaction in
accordance with "stagnant fluid" analysis?
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We would expect that static (i.e., constant ullage volume) tests would
be useful for evaluating initial pressurization mixing, surface temperature
response, and whether or not ullage free convection, cause diffusion rate to be
in excess of molecular diffusion predictions. In these tests, measurements of
temperatures and concentrations in the vicinity of the interface will be required.

Expulsion tests using two or three "representative"” diffuser configura-
tions appear to be the most practical means to investigate jet impingement con-
vection during expulsion. The representative diffuser configuration would be
chosen to simulate: (a) a theoretical ideal diffuser producing near uniform flow
across tank area, (b) one or two typical flight type diffuser configurations.

2. Liquid Temperature Gradient Studies with External Heat Leak

The objectives of this work would be to:
a. Better define mechanism of thermal stratification

b. Improve prediction techniques

A transparent walled two dimensional non-cryogenic tank with
capability for wall heating and measurement of liquid temperatures would be
well suited to studying stratification mechanisms. Cryogenic self-pressurizing
tests are a good source of surface temperature data and liquid temperature
gradients for checking analytical prediction techniques.

3. Propellant Tank System Studies with Helium Pressurization and
External Heat Leak

A limited number of tests in which external heat leak is combined
with helium pressurization would be valuable to verify analytical techniques
under simulated flight vehicle conditions,
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NOMENCLATURE

Area

Constant in Eq. 43

Constant in Eq. 49

Proportionality constant relating &2 to z2 , BEq. 46
Concentration

Liquid specific heat

Non-dimensional constant, Eq. 54

Tank diameter

Diffusion coefficient

Equilibrating potential, E = kA/L

Constant in Eq. 44

Volume fraction of mixed liquid that does not evaporate

Acceleration due to gravity
Grashoef Number = (g8 AT )/
Enthalpy per unit mass

Heat transfer coefficient

Energy constant (778 ft-1b/Btu)
Thermal conductivity

Boltzmann's constant

Profile shape factor in Eq. 52

Mass transfer coefficient
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= O

=|

Re

Prandtl mixing length

Tank height

Diffusion layer thickness for the evaporating component
Ullage height

Mass of a molecule

Momentum flux

(1) Mass (Section V)
(2) Molecular weight (Section VI)

(Ml + MZ) / (MlMZ)

Molal flux

Number of jet diameters

Total pressure; partial pressure when used with subscript
Partial pressure

Log mean value of the Helium partial pressure
Prandtl number = cp/k

Heat flux

Volumetric flow

Gas constant for a particular gas

Universal gas constant

Reynold's number dpu/u

Radial distance

Radius in a jet where u = 5 u
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ave

Thickness

Absolute temperature
Liquid bulk temperature
Liquid surface temperature

12° /KT

Temperature rise of fluid flowing through boundary layer
+ 1 -

T, *= (Ti To)

Internal energy per unit mass

Velocity

NT/ CT

Specific volume

Volume

Mass of evaporated cryogen

Rate of cryogen evaporation

Volume fraction of liquid initially in tank that mixes with
ullage gas :

(1) Vertical distance above a liquid cryogen surface (Section VI)
(2) Vertical distance below a liquid cryogen surface (Section VII)

L2—x

(1) Mole fraction in diffusion analysis
(2) Horizontal distance from tank wall in convection analysis

Volume fraction of tank finally filled with a mixture of pressurant
and fuel vapor
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A Vp " Vawy/ Uao ™ Vaw

z Axial distance in jet diffusion analysis

Greek Symbols

r Sticking coefficient of molecules at a liquid surface

8 Coefficient of volumetric expansion = v ( ,}12)

Y L (@ MRTO)-% Cr (D/S)%

8 Thickness of boundary layer

A Thickness of gas layer building up on the cold liquid surface

€ Fraction of fuel vaporized

¥l 2o Minimum interaction potential energy in Lennard-Jones model;

see Table 1A of Ref. (27)

T2 = [(201)(202)]

I

n r/z in diffusion analysis

A Latent heat

! Dynamic viscosity

Y Kinematic viscosity

rd x/(2./D8 )

P Density

012 Intermolecular distance when potential energy of attraction is zero,
see Table IA of Ref. (27)
g, = = (©, + 05)
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dy
_ (675 - -1 _A
’ Tim NPT T ( >

Yoo VdB o

Q (1 (le*) collision integral function of le*; see Table IM of Ref. (27)

6 time

Subscripts

a, b, c Refer to tanks a, b, ¢ (Figure 1)

A Refers to component A, either H2 or 02

€ Refers to conditions at the centerline of a jet

f (1) Refers to conditions in a gas film (Section VI)
(2) Refers to fuel (Section V)

H Refers to thermal layer (Section VII)

i Refers to the inlet conditions of helium

L Liquid

m (1) Refers to mixed pressurant gas (Section V)
(2) Mean value

max Maximum

p Refers to pressurant gas (i.e., He)

r Radial

T Total

u Refers to unmixed pressurant gas

v Vapor
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W Wall
z Axial

o} (1) Refers to conditions at the liquid surface
(2) Initial condition (Section VII)

1, 2 (1) Refer to times before and after transfer, respectively (Sec. V)
(2) Refer to components 1 and 2 (Section VI)

Superscripts

- Average value
Denotes differentiation with respect to time
+ Refers to conditions in the gas just above the liquid surface

Refers to conditions corresponding to a jet having a velocity u',
independent of radius across the jet nozzle

0 Refers to conditions at the outer boundary of a jet where u, = 0.
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APPENDIX A

DERIVATION OF EQUATIONS FOR MOLECULAR DIFFUSION ANALYSIS

1. Justification for Equation (16)

If a differential material balance on the total material in the system is
written at position x , there results:

SN oy .
5%~ o8 (A-1)

Since it has been assumed that Cy # £ (8), it follows from Equation (13) that
Nt # f (x). Further, it was assumed that Cp # f (x) aatnd was stated in the nomen-
u

m .
Y 0, and Equation (15)

clature that uy, = N7/Cp. Therefore uy # f (x),

reduces to Equation (16).

2, Derivation of Equation (19)

As before u,, = Np/Cr where C is a constant. Since N is independent
of x, it can be written that

3 vy
NT = NA = -CTD 'a—)'(——- +NTyA (A-2)
o - 0 0
or
N - CTD ;/'/a yAw
T 1-yA L0X
o
and
o (2
m 1—yAO _ox
u = D ! {/.’dyA‘\
= - = )
m lyAO JADB \dE/.
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And Equation (18) becomes

2
dy ) dy dy
A+2(§-[ L */ A\, D——i‘—m (A-3)
' =Q

ag? )

By defining

/dy\ 1

-1 / A 5

= { = D

@ [Z(I_YA) \dE é:o] um(e/ )
0

Equation (20) follows directly.

3. Derivation of Equations (22) and (23)

From Equation (20), we have

2
d Va dYA_

7 T 2(8-0) gz =o (A-4)
dg

with boundary conditions

for £

i
8

YA
(e 0]

YA

Yo, TV
A Ao for €

i
o

First define:

v - (Va - ono\,

(Y Ao -y Aoo)

and by dividing Equation (A-4) by ( - ), there results
AT
o [0’}

a2y

d§2

+ 2 (E-0) =0 (A-5)

dvy
dg
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where

Y

il
H

o for § o9) (A-6)

1
]

Y 1 for E 0 (A-7)

Now let p=d¥/d& and Equation (A-5) becomes

d
-d—ép——}-2(€~¢)p =0

v 2
b= SE o= C e (-8 Hz0E) (A-8)

where C 1 is an arbitrary constant.

Now Equation (A-8) may also be written as

S C e (- 42020 +¢) (A-9)
2 2
X - clem(-E-9)) exn (¢) (4-10)

Equation (A-10) may be integrated using Equation (A-7)

Y=% £=¢
de = C exp (67) f@m[-(%—@z]d%
Y=1 E=p
, Cl«/ﬁ 2 T £=¢
Y =1+ 5 exp(qb)[erf(%-gb)] (A-11)
€=o0
: Cl'\/ﬁ 2
Yo=1l+— exp (¢") lierf(é - @) -erf(- q&)] (A-12)
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u
2

Now since erfu = o/ f exp { - u2) du
0

it follows that u

2
erf (-u) = A/“‘f j exp ( - !j-ujz) (-du)
or °
erf (- u) = - erf(u)
Therefore .
G,V 2
Y = 1.0+ 5 exp (¢) [erf( £ - ¢)+erf(¢>)] (A-13)

Applying boundary condition, Equation (A-6)

c . J/m

0 = 1.0+ 12 exp (¢°) [erf(oo)+erf(¢)]
S Yk
€= 1+ erf (9) (A1)
and
v = 1 —erf(§ 'QS) (A-lS)

1+erf(g)

To obtain Equation (23), use is made of Equation (19):

-dy
1 A
¢ = - [ - A-1

Z(I'YA)“\d’3>g=o (416
0

and

(78, YAQ <d Y

T HI- v, ) \dE (A-17)
o}

¢=
€=
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2
ad—g(erf(u)) = J_;T;-— e !

Combining Equations (A-15), (A-17), and (A-18),

-y, v, )
¢ = "o "o -

Finally, there follows Equation (23)

YA -YA . 9

_1_9____99_ = Jm (l+erfo) ¢ exp (¢ )
_yA

o
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(A-18)

1 % g
2(L -y, ) ANlterf ¢> <«/_—T—T— eXp [_ (§-9) :D@=o (A-19)
o .

(A-20)
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APPENDIX B

TRANSIENT CONDUCTION SOLUTION FOR
LIQUID TEMPERATURE GRADIENTS

In the following discussion an expression for the excess surface tem-
perature based on transient conduction theory is developed. For this analysis,
we will consider the liquid to be similar to a finite slab having equivalent density,
thermal conductivity and specific heat., As shown in the diagram below, we will
assume that the upper surface of the slab (simulating the liquid free surface) is
subjected to a constant heat flux (qg), and that the bottom surface of the slab is
insulated.

9s

Constant Heat Flux
i' 'Y
X
4
K, p, C L

P 3

Insulated g = 0 QIINIINIITIMIIIIINIININIINIRa

A, GENERAL EQUATIONS FOR A FINITE STATE

Since the heat flow for the above system is one-dimensional, it must
satisfy Fourier's equation, or:

2
ot _ 3t
EE ®-D
[op:4
where: t =T - t0 (B-2)

We will choose a coordinate system such that at the gas liquid inter-
face x = 0 and at the bottom of the tank x = L.
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Since the heat input to the liquid is constant with time, therefore,

dt/dx )1( - o Must remain constant with time.  Since no heat can leave through
1=
the bottom of the tank 0 t/ 0 x X = I(i . Therefore, we have the following boundary
conditions:
+
a) ot/ox=-C x -0 0 <6
b) d3t/d3x =0 x - L~ 0 <6
+
c) t=0 0 <x <L B -0
Let us introduce a new variable v such that:
v=C+3t/dx . (B-3)
substituting into Equation (B-2), we get:
2
AV _ v
360 % 3T (B-4)
Rewriting the boundary conditions in terms of v:
ay v »- 0 x -0 0 <8
b) v » C x - L~ 0 <8
c) v » C 0 <x <L 8 - 0
We again introduce a new variable, U, defined by:
X
v = C T + U (B-5)

It can be seen from Equation (B-4) that U must satisfy the equation:

2

dU _ 3° U

35 - ¢ ) (B-6)
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We may now rewrite the last set of boundary conditions in terms of U as:

a) U -0 x—00+ 0 <8
by U - 0 x - L 0 <8
c)U-*C(1~Xr) 0 <x <L 8 - 0

We may write down the solution to Equation (B-6) which satisifies the first two
boundary conditions as:

2
U = E Bn e—(nﬂ/L) OLesin(nrrx/L) (B-7)
n=1
Substituting the above into Equation B-5 we get:
® 2
v = CXT + -2- Bn e-(n /L) a8 sin (n x /L) (B-8)

n=1

integrating Equation (B-3) we get:

fvdx=cx+t+6+F(6)

Substituting in Equation (B-8) and performing the integration:

LB

2 2
CZXL —CX—Z - e (ML) 8O s amx/L) =+ 64 F(B)  (B-9)

(o]

n=1

where b is a constant to be determined. Substituting (B-9) into Equation (B-2), we
find:

a CH

F) = - 25

+ A

where A is an arbitrary constant,
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Letting &+ A = n and noting from condition c) in the first set of boundary
conditions that as 8 = 0T O0<x <L t—- 0, we may write (B-9) as:

© LB

_qi_CX_Z
21

=1

cos(nmx/L) = n (B-10)

Since m is a constant, this equation can only be satisfied if:

L n 2 x2
= _Eof (Z—L- -x) cos (nmx/L)dx

and if:

L
2
2 X
N f (G %) o
0
LB
performing the above integrations and substituting the values for and n
along with the value of F (8) into Equation (B-9) we get:
(/L) 60
Cx a C6 2LC ) X »
= — - C —_— - [ -
t o T x+ T E -1 ——-—-——-2-————cosnL (B-10)
The mass average mean liquid temperature ?L is given by:
pCP LA to= q = KACSH
T o= 'afc (B-11)

Making use of the bounda‘ry__conditions, the definition of integrated mean tempera-
ture (tL), and the fact that t-t; =T - Ti,, Equation (B-10) may be rewritten as:

- ' —n2‘TT2 a6
T 1.1 (5)2 _x 2 e s L snm ) (B-12)
q_/E 37721 L 2 cos Bty

2 n=1 n

Evaluation of the series term included in the general equation above was suffi-
ciently lengthy to justify machine computation of the dimensionless excess
temperature, Therefore, general transient conduction equation was programmed
for computation on an IBM 1401 located at Arthur D. Little, Inc. This machine
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has a rather limited memory but is well adapted for relatively simple arithmetic
problems. It was found that for values of dimensionless time (o B/LZ) greater
than 10~3, the computer calculation of the dimensionless excess temperature

was generally very expedient. However, for very small values of dimensionless
time, the general equation was difficult to evaluate, even by machine computation,
for two reasons:

1. The series converged very slowly since convergence was dependent
to some degree on the value of the exponential factor -

2 2 2
T T (aB/L7)

2, The non-dimensional excess temperature was obtained by subtraction
of the series term from a grouping of other terms, all of which are relatively large
numbers. Since the non-dimensional excess temperature becomes small as dimen-
sionless times become very small, a very high degree of series convergence was
required at small values of dimensionless time, in order that the resulting dimen-
sionless excess temperature have numerical significance,

B. SEMI-INFINITE SLAB SOLUTION FOR SHORT HEATING TIMES

Rather fortuitously it was possible to use a semi-infinite slab approach
for values of dimensionless time less than 10°2, For relatively short heating
periods, the semi-infinite slab approach is valid since the temperature gradients
do not extend to the far end of the slab. Using the basic development presented
in ]acob,(ﬁ) we expressed the dimensionless excess temperature for a semi-
infinite slab subjected to constant surface heat input as follows:

T-T
L 2 af a8
_ : B} B-13
A VA A ) (519
where 9
v =e™ —uym [1-f]
u o)
f(u) = % f e dqu (tabulated error function)
o
and
q = x/ 1L
2,0 6/L2
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This equation was quite simple to evaluate by hand calculation and gave
excellent agreement with the exact general solution discussed above in the region
of dimensionless time from 10-3 to 10~2 where both solutions were employed to
achieve an "overlap"” of methods.

C. DISCUSSION OF RESULTS

Figure B-1 presents temperature profiles as a function of dimensionless
time and dimensionless position. While a linear plot such as Figure B-1 is not
very useful for calculation purposes, since a wide range of dimensionless times
cannot be presented, it does give a good indication of the general shape of the
curves.

First of all, it may be noted that for values of dimensionless time
equal to or greater than 1, a stable gradient exists in the liquid. This stable
gradient can be calculated simply by assuming equal rate of heat absorption at
each plane in the slab. This reasoning results in the local heat flux or tempera-
ture gradient at any point X, being directly proportional to 1 - x/L. The resulting
expression for the non-dimensional temperature excess can then be written:

T-T,
qS/E

2
= (XQL) - x/L + 1/3

This result is, of course, exactly the same as general solution except
that the series term is not present. For values of dimensionless time equal to,
or in excess of, 1.0, the series term of the general equation approaches zero.

It may also be noted that the inon-dimensional temperature excess has
negative as well as positive values, A negative value means that the temperature
at the point in question is less than the integrated mean temperature of the liquid.
For points which have not been affected by the heat flux traveling from the surface
it can be easily shown that dimensionless temperature excess is just equal to
- af /L2, The locus of these points determines a ''no temperature rise' asymptote
inclining downward at 45°. It may be further noted that temperature at the remote
face of the slab, x/1 =1, does not substantially depart from this "no temperature
rise''asymptote until the dimensionless time is considerably greater than 1072,

Figure 24 in the main body of this report, presents significant positive
values of non-dimensional excess temperature in a logarithmic plot. The term
"significant,” as used here, implies that the temperature excesses of interest are
of the order of 1% or more of the surface temperature excess. This plot illustrates
that for many of the conditions of practical interest (dimensionless times of the
order of 1070) temperature gradients predicted by the transient conduction solution
are essentially confined to a small fraction of one percent of the liquid depth below
the surface,
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APPENDIX C

EXPERIMENTAL HEAT FLUX RATIO CORRELATION

In this Appendix, experimental data obtained from nonvented pressure
build-up tests is used to check the surface temperature trends predicted by the
transient conduction analysis and to establish a correlation for determining the
empirical heat flux ratio qg4/q, . Data from thirteen test runs with liquid oxy-
gen, liquid nitrogen, liquid helium, and liquid hydrogen were used. A brief de-
scription of the test runs is given in Table C-1.

In Figure C-1, experimental values of excess surface temperature
have been plotted as a function of nondimensional time for a few typical test runs.
Also shown on this plot is the slope of the excess surface temperature curve
which results from transient conduction analysis. This slope is obtained by arbi-
trarily assigning a value of 100°F to the factor q./E appearing in the nondimen-
sional excess surface temperature plotted in Figure 24, in the main body of the
report. The slopes of the experimental results are in general agreement with
the slope of the transient conduction solution.

Figure C-2 shows the experimental heat flux ratios for a few typical
tests runs as a function of nondimensional time. The experimental heat flux
ratios were determined as follows:

Ts i TL)
(a /q) = qa/E. €xb
s" @ exp TS - TL
) ——-————qS/E

cond. theory

This plot shows that although the heat flux ratios for the test runs vary widely,
for a particular test run, q_/q_ is essentially constant with time. The results
for many tests, such as Run #5, Run #7 and Run #13 are in excellent agreement
with the analytical model, i.e., the variation of q_/q, with time is very slight.
For other tests, such as Run #3, qs/q&l appears to "drift" with time. This
"drift" may be due to extraneous transients such as the warm-up of cold vapor
trapped in the vent line. However, in general, the agreement is good. From
the above results, we conclude that the analytical model is adequate to describe
the time-wise variation in excess surface temperature, except for the effects of
extraneous transients which may influence the results at the beginning of the
nonvented hold periods.
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The second objective to be achieved is to establish a method of esti-
mating the heat flux ratio applicable to any system. The heat flux ratio for a
particular system is undoubtedly dependent, in part, on the distribution of am-
bient heat leak entering the container through the walls and piping. However,
in most cases, convective currents within the container probably accomplish a
major re-distribution of the heat entering the container. For containers of low
ambient heat leak, we might expect that convective currents would primarily
act to convey warm liquid to the surface with little mixing of the bulk fluid, re-
sulting in a high value of qg/q, . On the other hand, in containers of high heat
leak we might expect the convective currents to accomplish considerable mix-
ing of the bulk fluid, thereby reducing q /4, . Because of the number and com-
plexity of the factors which go into estabhshmg the heat flux ratio, it is doubt-
ful that this problem would be amenable to any sort of rigorous analysis. How-
ever, for containers having similar geometry we might expect that ambient heat
leak would be at least one of the more important factors in establishing the heat
flux ratio qg4/q,. Therefore, we have used the total ambient heat leak per unit
side wall area as a correlating factor.

The experimental values of heat flux ratio are plotted as a function of
heat leak per unit area in Figure C-3. In the case of the short test runs, in
which qs/qa tended to drift with time, the final values of qs/qa were chosen
as being less affected by initial transients and, therefore, more representative.
This plot shows that experimental heat flux ratio drops off markedly with in-
creasing heat flux per unit area. The various test runs all fall quite close to a
single correlation line.

No theoretical basis has yet been found for the plot of Figure C-3.
However, we have noted that for all, except very low heat leaks, (g,/mDL <
5 Btu/hr-ft® ), the slope of the experimental plot may be closely matched by
assuming that the surface heat flux (qs) is proportional to the boundary layer
volume flow.

If we assume that surface heat flux (qg) is proportional to the volume
rate of flow (Q) in the boundary along the tank; Where from the Martin model*

4mdLh
PLL

and from natural convection heat transfer

* See Section VII-C,
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.26
2 2

h = .216 P Pep kL 9y
uLﬂdL
q, = surface heat flux
q, = total heat flux
d = tank diameter
L = tank length
Q = Dboundary layer flow
h = heat transfer coefficient (turbulent free convection)
pL = liquid density
¢ = liquid specific heat
B =  expansivity
kL = liquid thermal conductivity
U = viscosity
Then
q
3 4 Q _ 4mndlLh
9 qa chan
0.28
2 2
_ 4mdL Pp ek
= x 0.216
DLCan . uLTrdL
B k 2 .28 q -0,78
Q _ L -
- . 0864 2 c 3 TTd L )
da ML CL |
or qS [ qa ] ~0.76
— = B
qa mdL

where B is determined by fluid properties.

A plot of experimental qg/q, versus q,/md L is presented in
Figure C-3. Also shown is the slope of that line predicted by the reasoning
above. The agreement is very good and suggests that the surface heat flux
used in the Arthur D, Little, Inc., transient conduction model is proportional
to boundary layer flow.
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APPENDIX D

FILMS OF LIQUIDS ON VERTICAL WALLS

I. INTRODUCTION

Usually thin films of liquids on walls will, after a transient, flow down
in a parabolic velocity profile, This is relatively easy to show by a momentum
balance.

X
Y % The film is examined over some
% I short length dL.. The thickness
% z in this dL is t and we examine a
é small element dx within the film.
Z
Z The width (i.e., in the y direction,
2 erpendicular to the paper) is W.
Z//f Z dp. perp pap
Wall o é The flow in at z = 0 is v, and
dX ' = i ©
_ / out at z = dL is VZdL .
Gravity Z l
/ t —p

Assume steady state so vV, =V , i.e., the momentum flow into and

Z
o dL
out of the element Wdx balance each other. The shear stress is T and varies wi
with x.
Momentum flow in at x = (dL) WTX

Momentum flowout at x + dx = (dL) W T
x+dx
Net momentum + body force =0, i.e.,

(dL) W TX - (dL) W Tx—i-dx + (dx) (dLY (W) (pg) = O
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dividing out the dL. and W, then

-3
il

pgx + Cl

but x = 0, T = 0 (at gas interface),

and T = pgx (D-1)

atthewall 7 = -udv/dx

= pgx

dv = -._Q_g_)_(.dx
o}

2
= = * = ————-—-——pgt
at x t, v 0, .. C2 o

ogt? L2
£ [ ] ®-2)

Thus the velocity at any z is parabolic.

and v

II. AVERAGE VELOCITY

The average velocity across the film is

W t W t
f f vdxdy / f f dxdy
y=0 Jx=0 y=0 Jx=0

\'

3u (D-3)
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III. DRAINING FILMS

Wall

Liquid

NSNS

A material balance over z shows

In = (v p)Wt
_ 3y —_
Out—(vp)Wt2+g(vat) dz
, d
Accumulation = 30 (pWdzt)

In - Out = Accumulation

3 — dt
—-a—;'(v poWt)dz = WdZ—a——e—
3 - 5 ot
5z (V9 7 3%
Substituting (D-3) into (D-4)
3 (el ]_ 2
d 7z 3 )
.E_.g. t2 (_a_t_> = - (.E_t..
U . dz 5 36
155
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ot
divide by (—-a-z~>
0h

2

ﬁ-gt— = - . k‘.\‘, <_.__>
9} N g e

Q
-t
(0%
N

Q
]
<
(%
ot

but since t = f (z, A), then

or

where

and

or

;’/_a._t> : a_z_ = - :?_Z_»
ELAE tz 3 %),

pgt2 - az>
u A
t

2
pgt
o B+ &(v)

z = 0ath =0(i.e., atthe start of draining)
Lo = 0

t2
z = L8 g4

6]
1
_ (1 2\®
pg 6

Equation (D-5) may be easily visualized as follows:

t

—\— —\— &= Decreasing 0

(D-5)
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Here z = vA

When z = L, the total exposed film, then 8
start of draining A, and

<
i

velocity of drain.

Ol

t Liquid

tz=L

(D-6)

the total time from

The average thickness of the film at this time 8 is found by integration,

where v is velocity (assumed constant) of drain.
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V. MOVING FILMS WITH SURFACE TENSION

The formula of t derived for Equation (D-7) does not take into account
interactions between the liquid film and the vapor, i.e., through surface tension
forces.

There does not appear to be any theoretically satisfactory method to
handle this problem. However, if the problem is stated that from the above
considerations,

t = f (4, g, 0, v, and 0,

where 0 is the surface tension, then it can be shown that from dimensional analysis

that
t LE [_Q_J (D-8)
uv uv
. . — pg
designating Y = ¢ 0V
x = 2
uv

experimental data show that

0.151

logloX = W + 1.44 - 5.45 10g10 (1.5Y) (D-9)

This equation is plotted as Figure3linSection VIII of the main body of this report.

VI. APPLICATION TO THE DRAINING OF HYDROGEN/OXYGEN TANKS

A. Properties

1. Hydrogen
T 20.6°K
p = 4.42 lb/ft3

o = 2.13 dynes/cm
U = 0.0l4cp=9.4x 1070 1b/ft sec

v = velocity of draining, ft/sec
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then

2. Nitrogen

1l

9.4x10'6(v)

t _
3.9x 103 (t in ft, v in ft/sec)

2.13
9.4x10°%) (454) v

77 .4°K

50.4 1b/ft3

8.94 dynes/cm

0.158 cp = 1.06x 1074 1b/ft-sec

t 3
— (3.9x 107)

AV

90.2°K
71.3 lb/ft3 '
13.2 dynes/cm

0.188 cp = 1.26x 1074 1b/ft-sec

t (4.27 x 103) /) v

231
v
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B. Film Thicknasses

t (thousands

v (ft/sec) X Y t, frx 105 of inches)
Hydrogen
0.1 5x10° ’ 0.22 1.9 0.2
1.0 SXlO2 0.32 8.2 1.0
10 5x101 0.43 37 4.4
Nitrogen
0.1 1.86x103 0.26 2.2 0.26
1.0 1.86x102 0.36 9.2 1.1
10 1.86x101 0.47 40 4.8
Oxygen
0.1 2.31x103 0.255 2.0 0.24
1.0 2.31x102 0.355 8.3 1.0
10 2.31x101 0.46 35 4.2

VII, ULLAGE CONTAMINATION

The liquid film evaporating into the ullage may be visualized as a ring
of height L, thickness t, and diameter d. The volume of this ring of liquid is
mtLd and the mass is py, mtLd. If the liquid evaporates into the ullage, the
fraction contamination of the ullage is

where pg is the density of the ullage gas.

160
Avthur D Listle, Ine.



Assuming the ullage is an ideal gas at an average temperature T, this
fraction becomes,

4p t RT/Pd.

L

Applied to the particular case of hydrogen and oxygen films evaporating into
helium, o1 for both hydrogen and oxygen is about 2,2 1b moles/ft3 . Thus

mole (or volume fraction contamination) = 94t T/Pd
where t and d are in ft, P in psia, and T in °R,
Another way to visualize the contamination is to relate the evaporation
of this draining film to the thickness of a layer of vapor on the liquid surface.

The film is assumed to be at a temperature corresponding to saturation of pro-
pellant at the system pressure, Tg. This thickness is then,

40 't LRT_/Pd

To illustrate typical thicknesses for oxygen and hydrogen into helium,
with P = 50 psia, p; =2.20 Ib-moles/ft5, d = 20 ft, and T = 141°R (0,).
46.4°R (H,), then with draining rates of 0.1 and 1 ft/sec,

Thickness of Layer

v (ft/sec) t, fx10° L At Tg and P, fx103 (inches)
Hydrogen
0.1 1.9 2 0.166 0.0020
1.0 8.2 0.72 0.0086
0.1 1.9 10 0.83 0.010
1.0 8.2 3.6 0.043
0.1 1.9 20 1.6 0.019
1.0 8.2 7.2 0.086
Oxygen
0.1 2.0 2 0.52 0.0062
1.0 8.3 2.1 0.025
0.1 2.0 10 2.5 0.030
1.0 8.3 11. 0.13
0.1 2.0 20 5.2 0.062
1.0 8.3 22 0.26
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